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ABSTRACT 

Spinel forming (SF) and Pre-formed spinel (PS) castables are common materials in refractory 

linings of steel ladles in secondary steel metallurgy. In service, these materials are affected by 

thermo-mechanical stresses. At elevated temperatures, this leads to creep of the castables. For 

the optimum design of the lining, consideration of the creep behaviour is important. In the current 

study, the castables were characterized in dried and sintered state and compared in bulk and true 

density, apparent and true porosity, Young’s modulus up to 1500 °C and uniaxial compressive 

creep behaviour. The microstructure of both castables was investigated using SEM, additionally, 

mineralogical phases were analysed with XRD. For further investigation, only the SF castable 

was selected. During the sintering process, the SF castable showed volume expansion and 

formation of liquid phases. The liquid phase partially counterbalanced the volume expansion 

caused by the in-situ spinel formation. However, it was observed that the liquid phase formation 

decreases the castables Young’s modulus at high temperatures and reduces the creep 
resistance. Uniaxial compressive creep tests were performed at 1300, 1400, and 1500 °C for 

three loads per temperature. The separation of creep stages was performed with an in-house 

developed MATLAB code and the three-stage creep parameters were inversely evaluated using 

the Norton-Baily creep equation. Additionally, a statistical study was carried out to evaluate the 

creep parameters by different combinations of measurements. Furthermore, the material’s creep 
behaviour was investigated under loading/unloading (l/u) conditions. For this purpose, the 

experiments have been performed at 1300 °C under different loads. After defined periods, the 

load was reduced. In this way, several cycles were performed. It was observed that creep strain 

recovery occurs after load reduction. The recovery increases with holding time and the degree of 

unloading. It was identified that the internal stress (back-stress) was the driving force for the creep 

strain recovery. Finally, a non-linear kinematic hardening model (Chaboche) was applied to 

simulate the creep strain recovery behaviour. The model fits the experimentally observed creep 

strain for different creep periods and unloading degrees with one parameter series. However, 

further work is necessary to automatize the parameter determination. 
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1 PROBLEM DEFINITION 

In service, refractory ceramics are experiencing thermomechanical stresses due to thermal 

expansion and temperature gradients. The stresses cause creep and fracture; this is well known 

and was investigated for many materials with fracture tests and creep tests at constant loads. 

However, the loads are not constant in service because of the batch-wise operations. What is 

missing is the knowledge of how changing loads influence the creep behaviour and if a significant 

amount of creep strain recovery can be observed for refractories. Therefore, the current work 

focuses on a) creep characterization under changing loads, b) quantification of creep recovery 

after load reduction and c) identification of parameters for a material model capable of FE-

simulation of the creep and recovery behaviour in service.  
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2  STATE OF THE ART 

2.1 Refractory materials, castables 

Refractories are ceramic materials characterized by their high melting points, surpassing 1200 

°C, and their inherent properties enabling them to serve as effective heat-resistant barriers, 

segregating high-temperature regions from low-temperature areas in industrial linings. Typically, 

refractories are composed of thermally stable mineral aggregates, a binder phase, as well as 

porous, and heterogeneous additives. The essential prerequisites for refractories entail: (i) the 

capacity to endure elevated temperatures; (ii) resilience against erosive and corrosive actions of 

liquid metal, hot gases, and liquid slag; (iii) the ability to withstand operational loads; (iv) resistance 

to material contamination from external sources; (v) preservation of dimensional stability under 

high-temperature conditions and during repeated thermal cycling; and (vi) proficiency in heat 

retention [1]. Refractories may be divided into categories based on their shaping: unshaped 

refractory products and shaped refractories. Castables, mortars, ramming mixes and other 

unshaped refractories are a mixture of different aggregates, matrix components, binders and 

additives and in most cases, they are shaped at the service location. Shaped refractories, such 

as bricks, shrouds and nozzles, are shaped by casting or moulding, and heat treated afterwards 

[2].  

2.2 Preformed spinel (PS) and spinel forming (SF) castables 

The composition of castables varies to achieve favourable physical and chemical properties for 

the application. Since the 1990s, preformed spinel (PS) and spinel forming (SF) high alumina 

castables have become very common for the lining of steel ladles [3,4]. Spinels form a large 

mineral group with the general formula AB2X4, where A stands for divalent and B for trivalent 

cations. Spinels crystallize in the cubic crystal system. The most common spinels in refractories 

contain aluminium, magnesium, iron and chromium (MgAl2O4, MgCr2O4, FeAl2O4, MgFe2O4) [5]. 

For the current research, the term spinel represents MgAl2O4. PS and SF castables contain spinel 

in their structure to raise the corrosion and slag penetration resistance [5]. For the PS castable, 

spinel aggregates are added to the mix of the castable and in the SF type, spinel is formed due 

to the reaction of Al2O3 with MgO at temperatures above 1100 °C. For refractory castables, 

calcium aluminate cement is mostly used as a binder [5,6]. Preformed spinel with a minimum 

grain size of 45 µm, was added to the high alumina containing mix [6]. As a result, there is a 

significant enhancement in the slag corrosion resistance and the thermo-mechanical properties 

like hot modulus of rupture (HMoR) and refractoriness under load (RUL) of the castable at service 

temperature [6,7]. The amount of the spinel added to the castables typically varies between 20-

25 wt% [6]. According to the results by Nagi and co-workers, this amount of added spinel leads 

to the lowest corrosion and slag penetration rate [7]. Many investigations on the microstructure, 

the effect of PS and SF as well as the effect of impurities on the physical properties of both types 

of castables have been carried out. Braulio et al. [6] mentioned that pre-formed spinel is added to 

high alumina castable to improve mechanical properties at elevated temperatures. Kriechbaum 

et al. [8] observed that HMoR at 1500 °C increased from 8 to 17 MPa when fine spinel was 

induced to the tabular high alumina low cement castable. PS castables are known for volumetric 

stability compared to SF castables. Generally, during the heating process, CaO reacts with 
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available alumina to form CA2 and, later, CA6 at temperatures above 1000 °C and 1400 °C, 

respectively [5,6]. Formation of both phases may lead to volume expansion in the castables. 

However, the volume expansion related to the CA2 formation for PS castable was not detected 

from the results determined by Sako et al. [9], due to the type of alumina (tabular alumina) used 

in the microstructure. Tabular alumina shows lower thermal reactivity than reactive alumina. 

Therefore, as tabular alumina was the only source for forming the CA2, no residual expansion 

was observed associated with the CA2 phase. The expansion rate test indicated that only one 

peak was detected above 1400 °C because of CA6 formation in the PS castable containing tabular 

alumina [9]. Besides, the sintering profile could impact the expansion caused by the CA6 

formation. In another study [10], they noted that during the sintering of a PS castable, no calcium 

dialuminate (CA2) remained and CA6 was found beside corundum and spinel. Several authors 

indicated that the formation of the CA6 and especially its location in the matrix of PS castable 

enhances its hot strength [6,8-11]. 

Spinel powders are synthesised using different techniques. The most straightforward way is 

conventional oxide mixing. Fine MgO reacts with Al2O3 fines in the matrix of the castable at service 

temperatures in the steel ladle [12]. Dead-burnt magnesia and calcined or reactive alumina are 

common constituents in the structure of the SF castable [4,5]. SF castables are bonded by calcium 

aluminate cement (CAC), which causes fast curing and high green mechanical strength [13]. 

Several publications [14,15] indicated that the temperature for the formation of the spinel in the 

matrix of the SF castable is above ~1100 °C and by increasing the temperature (1200-1400 °C) 

the rate of spinel formation increases as well. The spinel formation improves the corrosion and 

thermal-shock resistance of such castables [5, 6]. However, there is a significant disadvantage of 

spinel formation. During the sintering process, this newly formed phase will cause volume 

expansion. Theoretically, the volume expansion could be 13% however, 5-7% expansion was 

recorded for different chemical compositions [3]. Braulio et al. [6,16,17] mentioned that SF 

castables represent a volume expansion (8%) attributed to the density differences between the 

aggregates (MgO: 3.58 g/cm3, Al2O3: 3.98 g/cm3, and MgAl2O4: 3.60 g/cm3) and it is mainly 

associated by the formation of spinel at a temperature close to 1200 °C. Taking into account that 

these kinds of castables are bonded by CAC then two other expansive reactions such as the 

formation of calcium dialuminate (CA2) and calcium hexaluminate (CA6) must be considered. The 

first one (CA+A=CA2) is formed at a temperature of 1000 °C with a theoretical volume expansion 

of +13.6%, and the second one will be formed based on the reaction CA2+4A=CA6 at 1450 °C 

with +3.01% of volumetric change if the amount of the alumina is sufficient. Therefore, the overall 

volume expansion of SF castables is caused not only by spinel formation but also by the CA2 and 

CA6 formation. However, the major volume expansion of the SF castable is attributed to the in-

situ spinel formation. The expansion during the spinel formation depends on the alumina 

precursor phase and is attributed to the density differences between MgO and Al2O3 and spinel. 

Nevertheless, in other investigations [18-20] this expansion was analysed by the derivative of the 

expansion, it was found that for microsilica free compositions, the CA2 formation occurs at 1000 

°C however, it is proved that adding fumed silica in the range of 0.5-1 wt% can significantly 

decrease the amount of this phase and increase the workability of the SF castable [6]. Besides, 

microsilica reduces the MgO hydration rate and enhances the followability of SF castables [6]. On 

the other hand, microsilica forms liquid phases below the sintering temperature and helps to 

counterbalance the volume expansion caused by mentioned phases [18]. Different authors [9,10, 
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21,22] proved that the main role of the microsilica for the SF castable is to reduce the material 

expansion during the sintering process by softening. This can happen by the generation of low 

temperature melting phases such as gehlenite (Ca2Al2SiO7) and anorthite (CaAl2SiO8). Therefore, 

the expansion depends on the content of the liquid phase, which is directly associated with the 

amount of microsilica added to the mix. Tawara et al. [23] mentioned that a high MgO/SiO2 ratio 

(>12%) in the mix of an SF castable is resulting in a significant permanent linear expansion (>2%) 

and leading to intensive cracking of the material. It was observed that a low MgO/SiO2 ratio (<3%) 

is not preferable due to high shrinkage and cracking generation. A 4 to 8% MgO/SiO2 ratio was 

suggested to reduce the expansion and the crack formation. The formed liquid phases affect the 

shrinkage of the SF castable and speed up the formation of the spinel [24,25]. However, the 

formed liquid can deteriorate the material properties such as hot modulus of rupture (HMoR), 

corrosion resistance and creep resistance [26,27]. Investigations proved that for 0.75 wt% 

microsilica content, a higher decrease of HMoR was detected in comparison to microsilica free 

castable for temperatures from 1000 to 1400 °C. However, this behaviour might be a positive 

aspect for some applications [26,27]. 

2.3 Creep  

Per definition, creep is a deformation over time due to a constant load below the yield strength 

and is more significant with increasing temperatures [28]. Creep is usually investigated at 

homologous temperatures above 0.3 (T/Tm> 0.3, Tm: melting temperature) [29]. A typical creep 

curve is schematically represented in Fig. 1.  

 

Fig. 1: Theoretical creep strain curve with first and second derivatives. 

A complete creep curve can be separated into three stages. The slope of this curve gives the 

creep strain rate and varies over time into three stages (primary, secondary, and tertiary) [30]. 

The primary stage shows a decrease in creep rate with an increase in the creep strain over time. 

Hardening is taking place and due to this reason, the creep rate decreases [30]. The secondary 

stage is known as steady-state creep and shows a constant creep rate with increasing creep 
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strain. In the last region, creep strain increases with increasing creep rate until the final fracture 

occurs [30]. 

2.3.1   Mechanism of creep in ceramics 

The creep of refractory ceramics is affected by chemical composition, mineralogical composition, 

firing, temperature, and stress [31]. Several basic mechanisms can contribute to creep in 

ceramics. Creep mechanisms may be determined from the exponents in creep equations for 

steady-state creep (Eq.1) [32]: 𝜀�̇�𝑟 =  𝐴𝐷𝐺𝑏𝑘𝑇  (𝑏𝑎)𝑝 (𝐺)𝑛                                                                                                                   (1 

Where D is the appropriate diffusion coefficient, A is a constant, G is the shear modulus, b is 

Burger’s vector, k is Boltzmann’s constant, T is the absolute temperature, d is the grain size, p is 

the exponent of the inverse grain size, n is the stress exponent. The diffusion coefficient is given 

by (Eq. 2):  𝐷 = 𝐷0 exp(− 𝑄𝑅𝑇)                                                                                                                           (2 

Where D0 is a constant, Q is the activation energy for the diffusion process and R is the gas 

constant (8.31 J mol-1K-1). To identify the creep mechanisms of ceramics, n and p together with 

the activation energy are used. Vacancy diffusion in the lattice and along the border causes creep 

and is proportional to the applied stress [33,34]. The grain size exponent p for the former process 

is 2, whereas it is 3 for the latter. A grain boundary sliding due to dislocation movement shows an 

exponent n of 2 and an exponent p of 1 [35,36]. The creep strain rate is independent of grain size 

and the exponent n is no less than 3 in creep dominated by dislocation glide and climb. The creep 

strain rate can be simplified as seen in Eq. 3, in which A is a constant [37]: 𝜀̇ = 𝐴𝑅𝑇  𝑛 𝑒𝑥𝑝(− 𝑄𝑅𝑇)                                                                                                                       (3 

Refractories usually contain one or more crystalline phases, microcracks, and perhaps a vitreous 

phase. For polydisperse multicomponent refractories, many mechanisms are acting concurrently. 

Out of this reason, it is difficult to determine the creep mechanisms acting. Nonetheless, the strain 

rate will be dominated by the acting mechanisms with the highest strain rates.  

Typical creep mechanisms for refractories are as follows: 

A) Dislocation creep: 

Dislocation creep occurs because of the movements of dislocations in crystals. Dislocations move 

along the lattice plane denominated as the slip plane. The orientation of slip planes depends on 

the crystal structure. The occurrence of dislocation motions depends on the breakage of bonds 

between the atoms during the deformation [28]. As dislocations move and interact, they can 

generate new dislocations, form dislocation networks and contribute to the overall deformation. 
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Obstacles can reduce dislocation motion and creep deformation when a dislocation slip is 

impeded. These obstacles can be screw dislocations, the crystal structure itself, and grain 

boundaries. The rate of deformation and the diffusion of lattice vacancies are the primary factors 

influencing the slip process [37-39]. 

B) Diffusion creep: 

Diffusion creep is associated with lattice mechanisms and due to the diffusion of atoms, the 

deformation occurs. Diffusional creep dominates over deformation mechanisms such as 

dislocation creep at high temperatures and low stresses. Grains elongate along the stress axis 

through the diffusion of atoms through a lattice. During the creep deformation, atoms exchange 

at the grain boundaries. It is confirmed that under tensile stress atoms tend to diffuse longitudinal 

from one side of the specimen to the other; this changes the dimensions of the specimen. Coble 

and Nabarro-Hering creep denominate diffusional creep mechanisms. Coble creep is driven by 

differences in grain boundary energy, rather than differences in chemical potential or 

concentration, as in Nabarro-Herring creep [28]. 

C) Grain boundary sliding (GBS): 

In the GBS process, grains slide during the deformation along the common boundary [40]. GBS 

can be facilitated by diffusion and dislocation motion. Liquid or glassy phases can significantly 

affect the GBS. Liquid phases can reduce the resistance to GBS and facilitate the relative motion 

of adjacent grains. When the amount of the glassy phase and other low-melting-point phases is 

large, direct connections between grains are destroyed at high temperatures and under load [38-

40]. In contrast, crystallisation of the liquid phase will increase the resistance to GBS [28,39].  

2.3.2   Creep of high alumina refractories 

Refractory materials are usually composed of one or more crystalline phases, possibly a glassy 

phase, and pores. The glassy phase is frequently a bonding phase, and its composition and 

properties influence the creep behaviour significantly [38,39]. Bakunov et al. [41] found out that 

in the creep of high alumina refractories the chemical composition and microstructure, as well as 

the manufacturing parameters, impact the creep resistance of these refractories. Many studies 

have shown that the amount of formed mullite in the matrix affects the creep of high alumina 

refractories [38,39,41]. Clements and Vyse [42], for example, tested the compressive creep of 

several commercial high alumina refractories at temperatures up to 1600 °C. They discovered 

that the formed continuous mullite network contributes to decrease refractory creep rates. Fused 

mullite, calcined kyanite, or sillimanite were found to have high creep resistance, however, bauxite 

and sintered aluminas were found to be less resistant. The firing temperature, sodium oxide 

impurity, and alumina grain reactivity play a role in mullite formation which, improves creep 

resistance [43,44]. 

Refractory castable creep is usually more complex than that of shaped refractories after the 

burning process. Phenomena like crystallization, phase development, sintering, and stress-aided 

sintering are observed during the first heat. Bray et al. [45,46] published research on alumina 

refractory castable with calcium aluminate (CA) cement (7.5 to 25 wt%) as a binder. It was 
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discovered that the creep of this refractory is primarily attributed to the deformation of the cement 

matrix and that increasing the cement quantity has no effect on the creep mechanism. In another 

investigation, the impact of thermal/strain history on refractory castable creep was studied [47]. It 

was shown that creep is highly dependent on thermal/strain history. During the initial application 

of stress or temperature and due to the combination of stress and temperature, the structure of 

refractory castable changes. For the initial heating up, the activation energy for creep is between 

130-170 kJ/mole. However, after temperature treatment, the stress exponent increased to more 

than 2.5 and the activation energy was between 620 and 720 kJ/mole. Diaz and Torrecillas [48,49] 

conducted creep experiments on high alumina refractory castables with additions of dolomite, 

spinel, and periclase, to understand the effects of the route of spinel formation and content on 

high-temperature mechanical properties. It was observed that at 1100-1200 °C, the formation of 

CA2 from the interaction of CA with alumina in the presence of an amorphous phase controls the 

creep of castables. At 1300 °C, as all CA phases were completely dissolved in the glassy phase, 

the castable exhibited the worst creep resistance in comparison to the castables with other 

additives such as dolomite and MgO [48]. 

2.4 Creep models 

For a mathematical description of the creep behaviour, many models were developed. When a 

material is exposed to a uniaxial continuous load, its creep deformation is determined by stress 

(), time (t), and temperature (T) (Eq. 4). As a result, the general creep strain (𝜀𝑐𝑟) equation may 

be written as follows [50]: 𝜀𝑐𝑟 = 𝑓 (, 𝑡, 𝑇)                                                                                                                                       (4 

Functions of stress (), time (t), and temperature (T) are applied to approximate the creep strain 

[50-53] (Eq. 5): 𝜀𝑐𝑟 =  𝑓1() 𝑓2(𝑡) 𝑓3(𝑇)                                                                                                                                                  (5 

To characterize the creep dependency on stress, time and temperature, a variety of functions 

were developed. Among them Norton equation is frequently utilized to determine the stress 

function during the secondary creep phase [54], and Bailey equation for the time function when 

the stress is constant [55], and Arrhenius's law to quantify the temperature dependence (Eq. 6-8) 

[56]. 𝑓1() =  𝐵1 𝑛                                                                                                                                          (6 𝑓2(𝑡) =  𝐵2 𝑡𝑚                                                                                                                                   (7 𝑓3(𝑇) =  𝐶 𝑒𝑥𝑝(− 𝑄𝑅𝑇)                                                                                                                       (8 

B1, B2, and C are material constants, Q is the activation energy for the diffusion process and R is 

the gas constant. Under isothermal circumstances, the above three equations combine to form 

Eq. 9, which is commonly referred as the Norton-Bailey creep equation [53]: 
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𝜀𝑐𝑟 = 𝐴 𝑛 𝑡𝑚                                                                                                                                                                     (9 

In the case of a constant load, the creep strain rate can be determined by differentiating creep 

strain to time, which is referred as time hardening/softening representation [50,53]. 𝜀�̇�𝑟 = 𝑚 𝐴 𝑛 𝑡𝑚−1                                                                                                                        (10 

Strain hardening/softening representations may be generated by removing the time variable from 

Eq. 10, as shown by [50,53]: 𝜀�̇�𝑟 = 𝑚 𝐴1/𝑚 𝑛/𝑚 𝜀𝑐𝑟𝑚−1/𝑚
                                                                                                            (11 

The creep strain rate equation for uniaxial stress states may still be applied in the case of 

multiaxial loading if the following conditions are met: the rate of volumetric creep strain is zero, 

therefore the material volume under creep is constant, and multiaxial creep is a shear-dominated 

process [52]. As a result, Eq. 11 is changed to Eq. 12: 𝜀̅̇ = 𝑚 𝐴1/𝑚 𝑞𝑛/𝑚 𝜀�̅�𝑟𝑚−1/𝑚
                                                                                                                     (12 

where 𝜀̅̇  is the equivalent creep strain rate, �̅�𝑐𝑟 is equivalent creep strain, 1 ,2 ,3  are the 

minimum, middle and maximum principal stresses and q is the von Mises equivalent stress, as 

defined in Eq. 13: 

𝑞 = √12  [(1 − 2)2 + (2 − 3)2 + (1 − 3)2]                                                                                  (13 

2.5 Creep testing 

Two standardized testing methodologies are applied to assess the creep behaviour of 

refractories. One method is known as creep-in-compression (CIC), which uses the same 

equipment as the refractoriness under load (RUL) testing approach, here, the heating rate is 5 

°C/min and the maximum applied load is 0.2 MPa. Apart from specimen diameter, testing load, 

and heating rate, CIC standards in Europe, the United States, Japan, and China are similar [57]. 

During the heating-up and dwell phases, the present compressive stress of 0.2 MPa is applied to 

the specimen according to European standards EN 993/ISO 1893 [58]. The differential 

displacement of two corundum tubes is measured using linear variable differential transducers to 

determine the change in length of the specimen (LVDTs). CIC applies the load after the heating 

phase under constant temperature, unlike the RUL technique first loads the sample, then 

increases the temperature, and then measures the deformation during the entire heating process 

[59,60]. The primary purpose of the CIC and RUL techniques is to qualitatively compare the creep 

resistance of various materials and to assist users in selecting the most appropriate material for 

a particular application. Furthermore, since the CIC technique only investigates one load, it cannot 

be used to determine load-dependent creep [61,62]. Therefore, identifying creep parameters 

using the CIC measurement has many drawbacks. A further drawback is that the commencement 

of creep is unknown. Because the specimen is heated under load, creep will begin during the 
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heating-up phase before the start of the dwell time. Furthermore, the 0.2 MPa maximum load limit 

prevents the research of load values that are relevant to the actual application of refractories in 

many circumstances [63]. To solve the disadvantages of the RUL and CIC approaches, Jin et al. 

[64] developed an improved compressive creep testing equipment. Fig. 2 shows the schematic of 

this device for compressive creep testing. The machine is equipped with a tabular furnace and 

MoSi2 heating elements inside the chamber. On cylindrical refractory specimens with a diameter 

of 35 mm and a height of 70 mm, loads of up to 20 KN can be applied. To measure the vertical 

displacement precisely on the specimen surface at the front and rear sides, two mechanical 

extensometers (the initial distance between two extensometer rods is 50 mm) are applied. To 

avoid a chemical reaction between the piston and specimen, corundum plates are placed on the 

top and bottom of the sample (Fig. 3). After inserting the sample into the respective creep device, 

it is exposed to a preload (0.05 MPa) for stabilization during the heating step. Next, the sample is 

heated with 10 °C/min to the testing temperature. After a 1 h dwell time in order to have a thermal 

steady state, the load is applied, and the creep test and displacement measurement starts. The 

test result is calculated from the mean values of the front and the rear extensometers. In the 

current research, the developed advanced spindle-driven compressive creep testing device was 

used for creep tests at elevated temperatures. 

 

Fig. 2: Schematic design of the compressive creep testing machine [64]. 



CHAPTER 2 – STATE OF THE ART 

14 

 

 

Fig. 3: Specimen inside the compressive creep testing furnace. 

2.6 Methodology to determine the creep parameters 

The Norton-Bailey creep equation is often applied for modelling the creep of refractories [63,65]. 

The model is used in time-hardening/softening and strain hardening/softening representations. 

Both representations predict the same outcomes when the stress is constant. On the other hand, 

the strain hardening representation has shown a good agreement with experimental creep curves 

with changing stresses [50,66]. According to the Norton-Bailey strain hardening/softening 

representations, the creep strain rate is a function of temperature, stress, and creep strain (Eq. 

14): 𝜀�̇�𝑟 = 𝐾(𝑇) 𝑛  𝜀𝑐𝑟𝑎                                                                                                                                  (14 

Here, K represents the temperature dependent constant, n is the stress exponent, and a is the 

strain exponent. Under the strain hardening condition (primary creep), the value of a is negative, 

while in the case of strain-softening, it is positive (tertiary creep). For secondary creep a=0. 

Both elastic and creep deformation are included in the measured deformation. The total strain 𝜀𝑡𝑜𝑡  is calculated from the laboratory compressive creep test results, considering the initial 

extensometer legs distance (50 mm), and the elastic strain  /E is subtracted for the creep strain 𝜀𝑐𝑟 (Eq. 15): 𝜀𝑐𝑟 =  𝜀𝑡𝑜𝑡 - 𝐸                                                                                                                                      (15 

The applied stress is denoted by , and Young's modulus is E, which may be determined using 

the IET (Impulse excitation method) measurement [67]. For inverse identification of Norton-Bailey 

creep law parameters, Eq. 14 was rearranged by separating 𝜀𝑐𝑟 and t and then integrated. 

Numerical integration is used for non-predefined stress/time curves. The trapezoidal rule is then 

used for suitably short intervals between subsequent time steps ti+1 and ti, yielding Eq. 16: 
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𝜀𝑐𝑟,𝑖+1   [𝜀𝑐𝑟,𝑖1−𝑎 +  (1−𝑎).𝐾.(𝑖+1𝑛 + 𝑖𝑛).(𝑡𝑖+1−𝑡𝑖)2 ] 11−𝑎
                                                                                    (16 

Using the Levenberg-Marquardt optimization algorithm in MATLAB [68], the creep parameters a, 

n, K in Eq. 16 are inversely determined for each creep stage. The sum of the squared difference 

between the experimental and calculated curves for the respective creep stage was minimized. 

Basically, for the inverse estimation procedure, at least two tests with different loads at the same 

temperature can be used to determine a parameter set. However, in this research, a statistical 

study has been carried out to determine the creep parameters [63-65,69]. The flow chart in Fig. 

4 shows the creep parameters evaluation procedure. 

 

Fig. 4: Evaluation procedure to determine the Norton-Bailey creep parameters for each creep stage. 

2.7 Separation of creep stages 

The transition of the three creep stages must be determined in order to identify the Norton-Bailey 

creep parameters. The creep-strain rate in the second stage is theoretically constant, thus this 

stage may be determined appropriately. Nonetheless, the noise in the experimental data causes 

the creep-strain rate/time curve to fluctuate [70,71], making it difficult to use creep-strain rates for 

automated transition detection. Schachner et al. [70] presented a method for fully automated 

detection of creep-stage transitions for measured creep curves, which was implemented using a 

MATLAB code. The first step is to estimate the secondary creep stage's start and finish values. 

A fifth-order polynomial fit of the experimental creep curve is applied. When the third derivative is 

zero, two roots are obtained, which serve as preliminary start and end values for the secondary 

stage. More details can be seen in [71]. Using the Norton-Bailey method explained above, 

experimental creep curves are divided into three stages, and creep parameters for each stage 

are identified. 

2.8 Creep strain recovery in ceramics 

In most cases, creep testing of refractories is done under constant loads. In service, e.g., in the 

steel ladle in iron and steel making, the materials are exposed to loading/unloading (l/u) conditions 

due to preheating, charging and discharging the molten steel periodically. In such conditions, 

materials are initially subjected to a load and the creep deformation occurs and develops until the 
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stress partly or totally disappears. In the moment of stress reduction, elastic strain decreases 

instantly proportional to the stress reduction, and a portion of the creep strain is recovered over 

time. This is known as creep strain recovery and was observed for different materials [72-78].  

Xin and John [72,73] performed tensile creep and tensile creep strain recovery tests on silicon 

carbide fiber/calcium aluminosilicate reinforced-ceramic composites. The composites used in this 

study contained 40 vol% Nicalon SiC fibers. The creep strain recovery ratio (Rcr) and the total 

creep strain recovery ratio (Rt) were defined to quantify the recovered strain. Rcr is the recovered 

creep strain (εcr, R) divided by the creep strain (εcr) for one cycle. Rt is defined as the total recovered 

strain (εt, R), divided by the total strain (εt) of a cycle. The total strain refers to the sum of elastic 

strain and creep strain (Fig. 5).  

 

Fig. 5: Schematic of strain and stress in creep and recovery phases under loading/unloading conditions 

[72]. 

Two different creep tests under 60 and 120 MPa were carried out and after 100h the stress was 

reduced to 2 MPa and kept for further 100h. Results indicated that the sample tested with an initial 

load of 60 MPa had a 4% higher creep strain recovery ratio. In another test, two creep-recovery 

cycles with 40 minutes holding time with 60 MPa load were performed and reduced to 2 MPa 

afterwards. Observations showed that the recovery ratios were higher (17% for Rt and 8% for Rcr) 

for shorter l/u holding time. Moreover, in the following experiment, it was noted that the recovery 

ratios (Rcr and Rt) were increased in the second cycle by approximately 8% for both ratios. The 

reason was a notable decline in the duration of the first creep stage in the second cycle [72,73]. 

2.9 Mechanisms of creep recovery 

Several publications [79-82] deal with creep recovery of metals and alloys, stating that under 

sufficient loads dislocations are piled up behind obstacles such as other dislocations, grain 

boundaries, and precipitates. Dislocations piling up generate internal stress usually called back-

stress. In the case of dislocation movement, internal stress is defined as the net effect of spatially 

fluctuating stress fields on the velocity of dislocations necessary to maintain the currently applied 

stress [83]. When the original load is released, the internal stress leads to strain recovery 

generated by the dislocations moving backwards. However, in ceramic composites, the situation 
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is different, and creep is typically generated by various mechanisms simultaneously [84]. Because 

of often contributing liquid phases, creep deformation happens near grain boundaries that cause 

the formation of elastic and capillary stress along the grain boundaries that prevent further 

deformation under loading conditions. Internal stresses produce a driving force for creep strain 

recovery when the load is removed [85]. 

Internal stresses are not acting only after load decrease but are a reason for strain hardening of 

the materials and out of this reason the back stress is required for the definition of several 

constitutive models [85,86]. However, it is not feasible to measure internal stress directly. In order 

to determine it, the strain transient dip test [87] and the rapid loading/unloading (l/u) test [88,89] 

were used as indirect experimental approaches. The first one is carried out by suddenly unloading 

the stress on the specimen during the deformation and later holding the load constant while a 

strain is measured. This process may be performed several times to determine the stress that 

leads to a zero strain rate after unloading. In the second approach, rapid unloading and reloading 

are done at the strain for which the internal stress should be measured. In this method, the strain 

limits are raised cycle by cycle. Neu et al. [89] concluded that the stress dip test is not as accurate 

as the l/u test to measure internal stress at higher strain rates. Yang et al. [85] calculated the 

internal stress for metals using the l/u stress-strain hysteresis loop. As no reference was found 

for the l/u creep behaviour of refractories, this research will focus on experiments and calculations 

to investigate the creep strain recovery of a refractory castable under different conditions. 

2.10   Models for simulation of the creep strain recovery behaviour 

Creep of refractories can be simulated with a Von Mises stress based Norton Bailey creep model 

[63,65,71]. However, creep strain recovery of refractories has not been modelled so far. For 

different metals, the phenomenon was modelled with viscoelastic (viscoelastic 4-parameter 

Burger’s model) and viscoplastic models (non-linear kinematic hardening model known as the 

Chaboche model) [86,90,91]. For this research, these two models were selected according to the 

similarity of the creep strain recovery behaviour of refractory materials investigated in this work 

with other materials modelled by the mentioned methods in various references [86,90-93]. 

2.10.1   Burger’s model 

Viscoelastic material behaviour is usually modelled with a combination of springs and dashpots 

[94]. The elastic (linear, spring) and viscous (non-linear, dashpot) parts act according to Newton’s 
and Hook’s laws, respectively [94,95]. In general, the diffusion inside an amorphous material can 

cause viscoelastic behaviour [96]. The governing equations for the spring and dashpots are (Eq. 

17,18): 
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                                           𝜀 = 𝜎𝐸                                                         (17 

 

 

                                        𝜎 = 𝜂 𝑑𝜀𝑑𝑡                                                       (18 

 

Where   is the applied stress, 𝜀 is the strain and η is the dynamic viscosity. The combination of 

a spring and a dashpot in a series and parallel is called Maxwell and Kelvin/Voigt model, 

respectively (Fig. 7). Before loading, both elements are undeformed. When a constant load is 

applied in the Maxwell model, the spring deforms immediately, and the dashpot piston begins to 

move continuously and moves as long as the load is applied. When removing the load, the spring 

immediately returns to its original state. The dashpot represents irreversible behaviour and does 

not return to its original configuration and remains deformed. In the Kelvin/Voigt model, when the 

loading starts the two parallel elements deform simultaneously to the same extent. Due to the 

connection, the spring cannot deform immediately, and its motion is slowed in comparison to the 

Maxwell model. By removing the load, the spring elastically moves back and causes a driving 

force for the dashpot to return and reach its initial position after a certain period [94].  

  

Fig. 7: Representation of Maxwell model (spring and dashpot in series-left) and Kelvin/Voigt model (spring 
and dashpot in parallel-right) [94]. 

Several references [96-102] stated that a combination of viscoelastic constitutive models can 

model the creep and recovery response of various materials. For example, it has been shown 

that Burger’s model assembled by a Maxwell and Kelvin in series configuration is capable of fitting 
the creep and recovery behaviour for different materials such as metals, alloys and polymers. 

However, most of these models were applied for a single creep recovery curve (only one cycle of 

loading/unloading) [94,98,99]. Burger’s model includes four mechanical elements (Maxwell model 

part: EM and ղM and Kelvin/Voigt model part: EK and ղK) to describe the creep and recovery 

behaviour (Fig. 8). The spring EM deforms proportionally to the load, spring EK and dashpot ղK as 

a couple deform viscoelastically and dashpot ղM covers the plastic deformation. Recovery is 

modelled with the elastic and viscoelastic elements; the element ղM  is not affected by the recovery 

[97-103]. 

Fig. 6: Spring (up) and dashpot (down) model [94]. 
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Fig. 8: Four elements of Burger's model [94]. 

Burger’s model constitutive equation can be expressed as [97]: 

  

       (19 

Where σ is a constant load, εe is the instantaneous elastic strain, εp is the plastic strain, εv is the 

viscoelastic strain, C1 and C2 are constants. According to the Newtonian principle both, εp and εv 

are initially zero: 

∫ 𝜎𝑑𝑡+𝐶1𝜂𝑀 = 0  ⟹  𝐶1 =  − (∫ 𝜎𝑑𝑡)|𝑡=0                                                                                                          (20 

1𝜂𝐾 ∫ 𝜎𝑒𝐸𝐾𝜂𝐾𝑡𝑑𝑡 + 𝐶2 = 0    ⟹    𝐶2 = − ∫ 𝜎𝑒𝐸𝐾𝜂𝐾𝑡𝑑𝑡|𝑡=0𝜂𝐾                                                                                   (21 

Assuming creep is occurring under a constant load (𝜎 = 𝜎0) when t<t1 (t1 is the moment of 

unloading) and the recovery is happening after the load is removed at t>t1. For the creep section, 

two constants (C1, C2) are solved by substituting σ = σ0 therefore, the strain response is: 

𝜀(𝑡) = σ0𝐸𝑀 + σ0𝑡𝜂𝑀 + σ0𝐸𝐾  (1 − 𝑒−𝐸𝐾𝜂𝐾𝑡 )                                                                                                       (22 

At the moment of removing the load, (t = t1) the elastic strain is recovered instantaneously and 

so: 

𝜀(𝑡1) =  𝜀𝑣(𝑡1) + 𝜀𝑑(𝑡1) =  𝜎0𝑡1𝜂𝑀 + 𝜎0𝐸𝐾 (1 − 𝑒−𝐸𝐾𝜂𝐾𝑡1)                                                                           (23 

At t>t1 during unloading, viscous strain cannot be recovered however, viscoelastic strain is 

recovered, and it is time-dependent: 𝐸𝐾𝜀𝑑 + 𝜂𝑘𝜀�̇� = 0                                                                                                                                       (24 

𝜀(𝑡) = 𝜀𝑒 + 𝜀𝑝 + 𝜀𝑣 = 𝜎𝐸𝑀 + ∫ 𝜎𝑑𝑡 + 𝐶1𝜂𝑀 + ( 1𝜂𝐾 ∫ 𝜎𝑒𝐸𝐾𝜂𝐾𝑡𝑑𝑡 + 𝐶2)𝑒−𝐸𝐾𝜂𝐾𝑡
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By solving Eq. 24, the viscoelastic strain is: 

𝜀𝑑(𝑡) = 𝐶 𝑒−𝐸𝐾𝜂𝐾𝑡
                                                                                                                                                     (25 

Therefore, the strain in the recovery phase is: 

𝜀(𝑡1) =  𝜀𝑣(𝑡1) + 𝜀𝑑(𝑡1) =  𝜎0𝑡1𝜂𝑀 + 𝐶 𝑒−𝐸𝐾𝜂𝐾𝑡                                                                                                 (26 

The constant C can be determined from Eq. 26 if t = t1. 

Finally, for creep recovery, the constitutive equation is (Eq. 27): 

𝜀(𝑡) = { σ0𝐸𝑀 + σ0𝑡𝜂𝑀 + σ0𝐸𝐾  (1 − 𝑒−𝐸𝐾𝜂𝐾𝑡 )                             (𝑡 < 𝑡1)𝜎0𝑡1𝜂𝑀 + 𝜎0𝐸𝐾  (1 − 𝑒−𝐸𝐾𝜂𝐾𝑡1) 𝑒−𝐸𝐾𝜂𝐾(𝑡−𝑡1)                     (𝑡 ≥ 𝑡1)                                                            (27 

 

2.10.2  Non-linear kinematic hardening model (Chaboche) 

Isotropic and kinematic hardening models are widely employed to describe how the materials 

behave under cyclic loading conditions. Hardening models are applied to describe the gradual 

increase in material stiffness and strength that occurs as a material undergoes repeated loading 

and unloading cycles [86,104-108]. Isotropic hardening models assume that the hardening 

behaviour of the material is the same in all directions, regardless of the applied stress. This means 

that the material's yield stress and stiffness increase uniformly in all directions with each loading 

cycle. Isotropic hardening models are commonly used to model metals and alloys that exhibit a 

uniform response to cyclic loading (Fig. 9) [86]. On the other hand, in kinematic hardening models, 

it is assumed that the direction of the applied stress affects the hardening behaviour of the 

material. This means that the material's yield stress and stiffness increase differently in different 

directions with each loading cycle. Kinematic hardening models are commonly used to model 

materials such as soils, polymers, and composites that exhibit a non-uniform response to cyclic 

loading (Fig. 10) [85,86]. In recent years, there has been a growing interest in developing more 

advanced hardening models that can capture both isotropic and kinematic hardening behaviour. 

These models, known as combined hardening models, can accurately capture the behaviour of 

materials that exhibit both isotropic and kinematic hardening behaviour [86]. 
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Fig. 9: Development of the yield surface in an isotropic hardening model [86]. 

 

Fig. 10: Yield surface translation in a kinematic hardening model [86]. 

Nonlinear kinematic hardening is a modelling approach to simulate the behaviour of metals and 

other materials that undergo plastic deformation. The material's response to applied stresses 

depends on the current strain level and its previous deformation history [86]. It is assumed that 

the material undergoes a sequence of plastic strain increments, with each increment causing a 

corresponding increase in yield strength. As the material continues to deform, its yield strength 

increases further due to kinematic hardening, which results from the permanent reorientation of 

dislocations within the material [86,105]. Linear kinematic hardening models assume a linear 

relationship between the yield strength and the accumulated plastic strain however, the nonlinear 

kinematic hardening model allows for a more accurate representation of the material's response 

to loading conditions [86]. This is particularly useful when simulating cyclic loading, where the 

material undergoes repeated loading and unloading cycles. Armstrong & Frederick proposed a 

non-linear kinematic rule to model the viscoplastic behaviour of a material under repeated loading 

conditions [105]. Based on this model, many further constitutive models were developed to 

simulate the uniaxial and multiaxial loading such as the Chaboche model for non-linear kinematic 

hardening. The Chaboche model accounts for the material's nonlinear behaviour under cyclic 

loading, including the effects of plastic deformation, isotropic and kinematic hardening, and 
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damage accumulation. It is assumed that the material has both elastic and plastic components 

and that the plastic strain amplitude is a function of the accumulated plastic strain, the strain rate, 

and the stress amplitude. The behaviour of the material is described by a set of parameters in the 

multi-parameter Chaboche model, which must be calibrated using experimental data. The model 

includes a series of internal variables that describe the state of the material, such as the 

accumulated plastic strain, the isotropic hardening parameter, and the kinematic hardening 

parameter. Chaboche and other authors [86,104-108] proposed a modified model for Non-linear 

kinematic hardening. It is an extension of the original kinematic hardening equation, which 

describes the evolution of the kinematic hardening parameter changes in the material under 

cyclical loading (Eq. 28):  �̇�𝑖 =  23  . 𝐶𝑖 .  𝜀̇ 𝑝 −  𝛾𝑖.  𝑋𝑖 �̇�                                                                                                                                               (28 

Here i is the number of parameter sets to calculate the back stress, 𝐶𝑖 and  𝛾𝑖 determine the 

kinematic hardening characteristics, 𝜀̇ 𝑝 is the viscoplastic strain rate, 𝑋𝑖 is back stress tensor, �̇� 

is the norm of the viscoplastic strain rate. 

The kinematic hardening models in ABAQUS [109] aim to simulate materials under cyclic loading 

conditions. These models are based on the idea that by straining in one direction, the yield surface 

moves in the stress space, reducing the yield stress in the opposite direction [110,111]. A more 

advanced user material subroutine (UMAT) for the Non-linear kinematic hardening model based 

on Chaboche was developed by MCL (Material Center Leoben) and implemented in ABAQUS 

[112]. The main equations for the Chaboche model are the following [106,112]: 

The flow function F in the Chaboche model is defined using Hill’s criterion as follows (Eq. 29): 𝐹 = ‖𝜎 − 𝑋‖𝐻 − 𝑅0                                                                                                                                                      (29 

Where 𝜎  is the stress tensor, 𝑋  is the back stress and the kinematic variable for kinematic 

hardening, and 𝑅0 is the initial yield surface size. 

The viscoplastic potential 𝛺 plays a central role in determining the material's yielding behaviour 

and its ability to simulate complex time-dependent responses (Eq. 30): 

𝛺 = 𝐾𝑛+1 ∙ (𝐹𝐾)𝑛+1
                                                                                                                                                   (30 

Here K and n are parameters to describe the equivalent viscoplastic strain rate 𝜀̇ 𝑝 as a key 

parameter that describes the rate of plastic deformation under time-dependent loading conditions 

(Eq. 31):  

𝜀̇ 𝑝 = 𝜕𝛺𝜕𝜎 = 32 ∙ �̇� ∙ 𝜎′−𝑋′‖𝜎−𝑋‖𝐻       ,       �̇�= (𝐹𝐾)𝑛
                                                                                                     (31 
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Where 𝜎′ and 𝑋′ are the deviators of 𝜎 and X. Kinematic hardening in the Chaboche model is 

defined as follows (Eq. 32,33): 𝑋 =∑ 𝑋𝑖                        2𝑖=1                                                                                                                                       (32 

�̇�𝑖 = 23 ∙ 𝐶𝑖 ∙ 𝜀̇ 𝑝 − 𝛾𝑖 ∙ 𝑋𝑖 ∙ �̇� − 𝐶𝑖𝑀𝑖 ∙ (‖𝑋‖𝐻𝑀𝑖 )𝑚𝑖−1 ∙ 𝑋𝑖                                                                    (33 

𝑀𝑖 and  𝑚𝑖 describe the static recovery effects. 
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3 MATERIALS CHARACTERISATION AND RESULTS 

Commercially available preformed spinel (PS) and spinel forming (SF) castables were prepared 

by adding 6 and 8% water to the mixture of grains and fines, respectively. Table 1 shows the 

oxide composition of the mixtures [113]. 

Table 1: Oxide composition (wt%) of PS and SF castables. 

 PS SF 

Al2O3  95 90 
SiO2 0.1 0.5 
Fe2O3 0.3 0.2 
CaO 2.5 1.2 
MgO 2 8 

Before sintering, the mixture was cast into prismatic moulds (230·110·110 mm3) at ambient 

temperature and then dried at 110 °C for 24 h. In an electrically heated furnace, a specific heating 

program (Fig. 11) was used for the sintering process, and the samples were cooled down to room 

temperature inside the furnace at a rate of 5 K/min. After sintering, specimens with different 

geometries were cut out of the blocks for the tests [113]. 

 

Fig. 11: Temperature program for sintering of the PS and SF castable. 

3.1 Density, Porosity and Dilatometry 

Before and after the sintering process, the dimensions of both castable blocks were measured 

with a calliper gauge. After the sintering, the PS castable showed no measurable volume 

expansion. It is assumed that during the sintering process between 1200 and 1300 °C a sintering 

shrinkage of the PS castable occurs. As there was no volume expansion in the PS castable, most 

probably volume expansion due to CA6 formation was balanced by means of sintering shrinkage 

at a higher temperature. Usually, PS castables are formulated without microsilica content. 

Nevertheless, a small amount of microsilica is added frequently to the PS to support the sintering 

process and to place CA6 in the matrix to enhance its hot mechanical properties [6]. 
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Contrary to the PS castable, the SF castable showed 5.3% volume expansion during the sintering 

process. As these castables are bonded with calcium aluminate cement, the volume expansion 

was associated by the formation of the spinel and CA6. Theoretical expansion due to the formation 

of spinel and hibonite was lowered to 5.3% because of adding 0.5 wt% microsilica in the mixture 

of the SF castable [113]. 

The bulk density and apparent porosity of both castables were measured according to (EN 1402-

6) [114]. The true density of the castables was determined with a Micromeritics helium 

pycnometer (Accupyc 1330) on a ground material (to avoid closed pores) from castables after 

sintering. The sample volume in sample cups is determined. Based on the ideal gas equation and 

measuring the pressure the volume of a sample is determined. True porosity is calculated by Eq. 

34: True Porosity = 𝑡𝑟𝑢𝑒 𝑑𝑒𝑛𝑠𝑖𝑡𝑦−𝑏𝑢𝑙𝑘 𝑑𝑒𝑛𝑠𝑖𝑡𝑦𝑡𝑟𝑢𝑒 𝑑𝑒𝑛𝑠𝑖𝑡𝑦 ∙ 100                                                                                 (34 

Table 2 compares PS and SF castables in terms of density, porosity and volume expansion after 

the sintering process [113]. 

Table 2: Volume expansion, density, and porosity of the burnt PS and SF castables. 

 Volume 
expansion (%) 

Apparent density 

(gr/cm3) 

True density 

(gr/cm3) 

Apparent 

porosity (%) 

True 

porosity (%) 

PS 0 3.06 3.86 17.01 20.72 

SF 5.3 2.81 3.77 23.37 25.46 

Buhr [115] described that the addition of microsilica to the castable matrix leads to significant 

growth of the pores at a temperature above 1000 °C. Additionally, Ko et al. [116] stated that 

castables containing a higher amount of microsilica in their microstructure, generate larger pores 

with lower specific surface area compared to castables with no or very low microsilica addition. 

SF castable showed more microsilica in its matrix than PS. Results indicated that after sintering 

the apparent and true porosity of the SF castable is more than 5 vol% higher compared to the PS 

castable. 

After the sintering process, thermal expansion was determined with the Netsch dilatometer DIL 

420E. The results gave information about the irreversible expansion of the castables during 

sintering. Prismatic specimens (Fig. 12) with 50 mm in length, 5 mm in width and height were cut 

from the sintered castables. For each castable, three measurements were carried out at 

temperatures up to 1500 °C with 2h holding time. 
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Fig. 12: Specimen used for dilatometer test. 

The tests were performed with a heating rate of 10 K/min. The evaluation showed 1.28% and 

1.23% maximum linear thermal expansion at 1500 °C for the PS and the SF castable, 

respectively. A shrinkage of 0.02% was recorded for the PS castable during holding time. 

Compared to before the dilatation test, the PS castable shrank by 0.02% and the SF castable 

expanded by 0.02% (Fig. 13) [113]. 

 

                                                                 (a) 

 

                                                                       (b) 

Fig. 13: Results for thermal expansion of PS (a) and SF (b) castables up to 1500 °C with 2h holding time. 
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3.2 SEM, XRD, thermochemical simulation and phase analysis 

To evaluate the microstructure of the castable, scanning electron microscopy (SEM Carl Zeiss 

EVO MA15) was performed on polished sections of both castables after sintering at 1600 °C with 

a 4h holding time. Moreover, the phases were determined by X-ray powder diffraction quantitative 

analysis (Bruker D8-Advance diffractometer) for ground powders. To predict the formation of the 

possible phase with respect to the temperature, a thermodynamic simulation was conducted using 

factsage 7.2, thermfact and GTT-Technologies, Montanuniversität Leoben, GHK [113]. 

Fig. 14 presents an SEM picture of a polished section of the PS castable after the sintering 

process. By increasing the temperature during sintering, the formed CA2 is entirely consumed by 

the CA6 formation based on the reaction CA2+4A= CA6. Sako et al. [10] observed that CA6 is 

located at the edge of the tabular alumina when no microsilica is available in the matrix of the PS 

castable while, for the case containing microsilica, the CA6 was formed in the matrix of the 

castable. Moreover, the spinel added to the high alumina castable could affect the location of CA6 

in the matrix. The PS castable contains a higher amount of CaO, forming a higher amount of CA6 

in the matrix than the SF castable. It is assumed that CaO by means of diffusion at higher 

temperatures reacts with corundum in the Al2O3-rich PS castable to form CA6 [10]. Due to 0.1 wt% 

of microsilica in the matrix, the needle-like CA6 structures were generated in the matrix. Sako et 

al. [9,10], stated that the location of the CA6 is related to the MgO grains as well. MgO-free 

castables lead to the formation of the CA6 phase in the matrix instead of a formation at the edge 

of the alumina. Several researchers declared that the CA6 crystals lead to bridging between the 

castable grains and effect toughening the material by acting as inner whiskers. Therefore, the 

bond linkage between CA6 and spinel grains in the matrix enhances the overall thermo-

mechanical behaviour, such as hot mechanical strength, creep resistance, and HMoR [117-119]. 

The investigated PS castable in this research with no MgO in its matrix and the location of the 

CA6 confirmed this statement [113]. 

The crystalline phases in the PS castable were investigated by means of XRD as well. The XRD 

pattern indicated the formation of corundum, spinel, and CA6 as the main phases after the 

sintering process in the structure of the PS castable. No other phases were detected. Additionally, 

the amounts of the liquid phase and its chemical composition were calculated. The chemical 

compositions of the castables were applied for these calculations (Table 1); the results are shown 

in Table 3 [113]. 

Table 3: Liquid phase amounts calculated by FactSage 7.2 in the matrix of the PS castable at different 

temperatures. 

Temperature (°C) 1558 1600 

Liquid phase (wt%) 0.77 0.85 
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Fig. 14: SEM picture after sintering at 1600 °C (1: corundum, 2: spinel, 3: hibonite). 

For the SF castable, XRD investigations showed the presence of corundum, spinel, and small 

amounts of CA6 and NA11 after the sintering. However, the SEM analysis (Fig. 15) indicated 

anorthite (CAS2) and glassy phase composed of different phases next to corundum, spinel, and 

CA6. CA2 was not found, and it is assumed that microsilica did react with CaO, leading to low 

melting point phases such as anorthite. Except spinel, hibonite, and alumina SEM/EDX 

investigations cannot detect single stoichiometric compositions of the further phases as their size 

is below the resolution limit of the EDX analysis [113]. The results support the expectation that 

analysed spots consist of an intergrowth of the further secondary phases identified by XRD 

together with glass phase and possibly anorthite crystallized in an amount still not detectable by 

XRD. Moreover, the amount of the liquid phase was calculated (Table 4) [113]. 
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Fig. 15: SEM picture after sintering at 1600 °C (1: corundum, 2: spinel, 3: hibonite, 4: not resolved secondary 
phases including silicates, see text) [113]. 

Table 4: Liquid phase amounts calculated by FactSage 7.2 in the matrix of the castable containing 0.5 wt% 
microsilica at different temperatures. 

Temperature (°C) 1389 1400 1500 1600 

Liquid phase (wt%) 0.82 1.08 1.36 1.61 
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3.3 Young’s Modulus 

Young’s modulus of the burnt castables was determined using non-destructive Resonant 

Frequency Damping Analysis (RFDA) from room temperature up to 1500 °C with 1 h holding time 

and heating and cooling rates of 5 K/min [113]. Specimens utilized for this kind of test were 

rectangular with a dimension of 140·25·25 mm3 (Fig. 16). In the experimental procedure (Fig. 17), 

the specimen is subjected to a mechanical impulse to induce flexural vibrations, leading to the 

generation of an acoustic signal. This acoustic signal is subsequently captured by a microphone 

and processed through a Fast Fourier Transformation (FFT) algorithm. By employing the FFT 

analysis, Young's modulus of the material can be computed from the frequency data obtained 

from the measurements. This method has the advantage of enabling measurements in a variety 

of atmospheres and at high temperatures. [120,121]. The frequencies are applied to calculate 

Young’s modulus according to the equation Eq. 35 [67,121]. 𝐸 = 0.9465 ∙  (𝑚.  𝑓𝑓2𝑏 ) ∙  (𝐿3ℎ3)  . T1                                                                                                  (35 

Where m stands for the mass of the specimen (g), ff is the flexural resonant frequency (Hz), b  is 

the specimen width (mm), L is the length of the specimen (mm), h is the height of the specimen 

(mm) and T1 is correction factor depending on the ratio of the length of the specimen to the 

Poisson’s ratio and thickness.  

 

 

Fig. 16: SF castable specimen after sintering and testing.  

 

Fig. 17: The specimen in the RFDA furnace. 

Specimen 

Hammer 
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Fig. 18 represents the results of Young’s modulus for the PS and the SF castables (performing 3 

tests for each castable). Up to 1500 °C Young’s modulus of the PS castable decreased very 

slightly, and during cooling an increase was observed as expected (Fig. 18-a). For the SF castable 

the decrease during heating to 1100 °C, was smaller. Above 1100 °C, a more significant decrease 

was observed (Fig. 18-b). 

 

(a) 

 

(b) 

Fig. 18: Young's modulus as a function of the temperature for PS (a) and SF (b). 

In multi-phase polycrystalline materials, Young’s modulus is affected by phase changes and the 
evolution of the microstructure during the heating [122]. The decrease in Young’s modulus of the 
SF castable above 1000 °C is governed mainly by forming liquid phases in the castable matrix. 

Young's modulus of 60 GPa was observed at 1500 °C. During the cooling, Young’s modulus 
showed a hysteresis and reached the heating-up curve at approximately 900 °C [113]. 
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3.4 Uniaxial compressive creep of the PS and the SF castables 

Cylindrical specimens with a diameter of 35 mm and a length of 70 mm were drilled from the 

sintered blocks. The drilling step was carried out with a low feed rate to avoid cracking and ensure 

as flat as possible surfaces. The cylindrical specimens were cut for plane-parallel bottom and top 

surfaces to ensure an even load distribution [62,66]. Afterwards, the specimens were dried at a 

temperature of 120 °C in a furnace. To stabilise it during heating, a 100 N compressive load was 

applied to the specimen. The rear and front extensometers were attached to the surface of the 

specimen after one hour of holding time at the testing temperature. Afterwards, the load was 

applied. Compressive creep tests were carried out at 1500 °C. For each castable, 3 tests were 

performed. A constant load of 7 MPa (PS) and 1.75 MPa (SF) was applied. Figs. 19 and 20 show 

the total strain over time. 

 

Fig. 19: Compressive creep curves of PS castable measured at 1500 °C under 7 MPa. 

 

 

Fig. 20: Compressive creep curves of SF castable measured at 1500 °C under 1.75 MPa. 
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At 1500 °C and 7 MPa, the PS castable showed much lower creep strain in comparison to SF 

and after 7 h the creep stages were not completed while at the same temperature, but at a smaller 

load (1.75 MPa), the SF castable showed three complete creep stages. The in-situ spinel 

formation and variations in microstructure, porosity, and density account for the higher creep 

strain rate noted for the SF castable. Compared to the SF castable, the PS castable has a higher 

density and a lower porosity (Table 2). Furthermore, adding the preformed spinel to the castable 

as well as the formation of CA6 in the matrix of PS castable improves the hot strength in the matrix. 

Besides, no liquid phases were formed in the PS castable due to the low amount of silica (Table 

3). According to the results of thermochemical simulations, liquid phases appear in the SF 

castable at a temperature of 1389 °C (Table 4). Moreover, the viscosity of the liquid phases 

decreases as temperature rises. It is assumed that at 1500 °C 1.36 wt% liquid phases are located 

between the grain boundaries. Under compressive pressure, these grains slide over each other 

and enhance the creep rate of the SF castable. Because of the more pronounced creep 

behaviour, the SF castable was selected for further investigations.   

The compressive creep tests were carried out under different loadings and temperatures (Table 

5). In order to achieve the three creep stages for each temperature, three loads were defined and 

three tests were conducted for each load (nine tests per temperature). 

Table 5: Temperatures and applied loads for the uniaxial compressive creep tests. 

Temperature (°C) Stress (MPa) 

1300 7-7.5-8 

1400 4.5-5-5.5 

1500 3-3.5-3.75 

The results (Fig. 21) demonstrated that, in contrast to the secondary and tertiary stages, there 

were small differences between test repetitions conducted under the same circumstances for the 

primary creep stage. The impact of the material inhomogeneities was greater in the second and 

third stages. that for the primary creep stage, the deviations between repetitions of the tests under 

the same conditions were small compared to those for the secondary and tertiary stages. The 

material inhomogeneities exhibited a higher impact on the second and third stages. This 

heterogeneity is due to differences in density, porosity and mechanical properties between the 

specimens used for this part of the testing. For all three temperatures, a lower load represented 

a longer testing period. At 1300 and 1400 °C, the lower load (7 MPa and 4.5 MPa) achieved 

higher creep strain, however at 1500 °C the middle load (3.5 MPa) showed maximum creep strain. 

The longest creep time (6.5 h) was observed under 1400 °C with the lowest load (7 MPa) [113].  
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(a) 

 

 

 

 

 

 

(b) 

 

           (c) 

Fig. 21: Compressive creep test curves (three stages) measured at 1300 °C (a), 1400 °C (b), 1500 °C (c).                             
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3.5 Determination, evaluation, and statistical study of the 

compressive creep parameters 

For the creep parameters evaluation, the measurement’s mean values over time were used. 
Norton-Bailey creep equation was applied to describe the material creep behaviour in all three 

stages [63,71]. In order to identify the Norton-Bailey creep parameters (a, n, k) of the three creep 

stages, it was required to determine the start and end of the creep stages. Therefore, a developed 

automatic MATLAB identification procedure to detect the creep stage transition was applied 

[70,71]. Fig. 22 presents the transition of the creep stages as determined by the procedure for 

one specific case. 

 

Fig. 22: Creep curve with the transition of the creep stages (1300 °C under 7 MPa). 

From the separated creep curves, the Norton-Bailey creep parameters are determined for each 

stage separately using the strain hardening/softening form of the creep rate equation (Eq.14) [66]. 

Using the Levenberg-Marquardt reduced gradient method and an inverse evaluation procedure, 

the creep parameters for each stage were determined [63,68]. Theoretically, for the inverse 

evaluation of the creep parameters for each temperature, a minimum of two measurements with 

different loads is sufficient to determine the parameters as input data. The input data for the 

inverse evaluation can be chosen in a variety of ways. Statistical analysis of the creep behaviour 

of the SF castable was conducted to analyse the influence of different input data on the final creep 

parameters and to select the most representative input data. For this purpose, as there are nine 

measurements, for each stage, all possible combinations of 2 out of 9, to 9 out of 9 were selected 

as input data and the creep parameters of each stage were inversely evaluated for the different 

number of measurements in combination. For each dataset, at least two measurements were 

selected from two different loads. In Table 6, the number of datasets for the different number of 

measurements in the combination are listed. 
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Table 6: Numbers of datasets determined for different numbers of measurements in the combinations [113]. 

Number of 
measurements in 

combination 
2 3 4 5 6 7 8 9 

Number of datasets 27 81 126 126 84 36 9 1 

A detailed description of the method is given in [123]. Different input datasets were compared by 

calculating the mean value (�̅�) and the standard deviation (S) for a, n, and logK with respect to 

the different load combinations. For the case of all nine measurements in one combination, the 

calculation of a standard deviation is not possible. In Figs. 23,24 and 25, the results for the 

standard deviations for three stages under three temperatures are presented. 
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Fig. 23: Mean values and standard deviations for the parameters a, n, and logK (K [MPa-n s-1]) (first stage) for 
different numbers of measurements in the combinations for three temperatures (1300, 1400, 1500 °C).          
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Fig. 24: Mean values and standard deviations for the parameters n, and logK (K [MPa-n s-1]) (second stage) for 
different numbers of measurements in the combinations for three temperatures (1300, 1400, 1500 °C). 
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Fig. 25: Mean values and standard deviations for the parameters a, n, and logK (K [MPa-n s-1]) (third stage) for 
different numbers of measurements in the combinations for three temperatures (1300, 1400, 1500 °C). 
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Results indicated that the standard deviations of different datasets decreased with an increasing 

number of the measurements in combinations for all three stages. Besides, for the first stage, the 

mean value of n remained constant for three temperatures, while the mean values of a and logk 

depended on the temperature. A similar trend was observed for the second stage. For the third 

stage, the mean of a remained more or less constant for the three temperatures [113]; however, 

the mean of n and logk decreased. Furthermore, 99% confidence intervals were determined for 

the creep parameters for different load combinations using Eq. 36 [123,124].  

|𝜇 − 𝑦|̅ ≤  tα/2 ,n−1s√n                                                                                                                                      (36                                

Here 𝜇 is the mean value for the whole population, |𝜇 − 𝑦|̅ defines the difference between the 

mean value of the whole population and the mean value of the dataset (�̅�), n is the dataset 

population, 𝛼 is the significance threshold, and S is dataset standard deviation. t is calculated 

using the t-distribution table based on the dataset's degree of freedom (n - 1) and the confidence 

interval percentage "100 (1 - 𝛼 )" [124]. For the mean difference, the right side of Eq. 36 is the 

100 (1- 𝛼) percent confidence interval. 

The results demonstrated that the confidence intervals for a and n significantly decreased as the 

number of combined measurements for each creep stage increased from two to six, and they 

increased when the number of combined measurements exceeded six [113]. Fig. 26 shows the 

results obtained by a t-test, considering the 99% confidence interval for the first stage [123]. 

 

Fig. 26: 99% confidence interval expressed in percent of the respective mean value as a function of the 
number of used measurements. 

The comparison of the results showed that the combination of six out of the nine measurements 

exhibited the lowest confidence interval. This means the result with a combination of six 

measurements offers the optimum significance. Although this study enables quantifying the 
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deviations between different creep parameters determined by different combinations, this is not 

possible for the evaluation of all nine curves. Table 7 shows the compressive creep parameters 

with the combination of nine and six measurements. There is a relatively small difference between 

the parameters that the combinations of six and nine measurements determined, with maximum 

deviations of logK, a, and n of 4.46%, 8.57%, and 10.42%, respectively [113]. 

Table 7: Uniaxial compressive creep parameters with the combination of six (a) and nine (b) measurements 

for different temperatures and stages (K[MPa
-n

 s
-1

]). 

Primary creep stage Secondary creep stage 

T [°C] logK* a n logK n 

1300 -8.31±0.65 -0.85±0.06 1.41±0.75 -8.64±0.48 3.63±0.55 

1400 -10.75±0.41 -1.10±0.05 5.16±0.63 -10.87±0.37 8.08±0.54 

1500 -10.20±0.37 -1.20±0.07 6.24±0.49 -8.01±0.56 5.63±1.06 

 

 

 

 

 

 

                                                                                   (a) 

Primary creep stage Secondary creep stage    Tertiary creep stage 

T [°C] logK* a n logK n logK a n 

1300 -8.37 -0.87 1.43 -8.65 3.63 -8.35 0.50 4.33 

1400 -10.76 -1.10 5.19 -10.86 8.05 -10.35 0.49 8.02 

1500 -10.14 -1.18 6.19 -8.09 5.79 -8.07 0.35 6.14 

                                                                                    (b) 

The experimental curves for three temperatures for only one load and the first stage were plotted 

in Fig. 27. Predicted curves using the mean of combined six and nine curves represented a close 

fitting to the experimental one. This procedure was carried out for all other loads and stages. 

Considering the different possibilities for determining the creep parameters, the combination of 

   Tertiary creep stage 

 logK a n 

-8.27±0.53 0.66±0.42 4.53±0.91 

-9.98±0.12 0.51±0.39 8.04±0.81 

-7.74±0.92 0.32±0.86 5.52±1.76 
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nine curves will be selected to evaluate the creep parameters applied for thermomechanical 

modelling. 

 

(a) 

 

(b) 

 

   (C) 

Fig. 27: Primary creep stage prediction for 1300 (a), 1400 (b) and 1500 °C (c) using the mean value of 6 and 9 
curves combination. 
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Table 7 shows that for the first stage, the temperature-dependent function k and the strain 

component indicate a decrease with an increase in temperature. However, the stress component 

n indicates an increase with increasing temperature. Moreover, the creep parameters of the first 

stage for temperatures 1400 and 1500 °C were very similar. Therefore, it was decided to provide 

one series of parameters for these temperatures with the same a and n values but different k. For 

this purpose, 18 curves were selected (9 curves from each temperature) and the Norton-Bailey 

creep parameters were calculated (Table 8). With the help of determined creep parameters, all 

the experimental creep curves at both temperatures were fitted. Fig. 28 represents the fit of 

experimental curves for only one load and the first stage [113]. 

Table 8: Compressive creep parameters evaluated by combining eighteen measurements at 1400 and 1500 °C 
for the first stage. 

Temperature °C logk a n 

1400 -11.17 

-1.29 5.74 

1500 -9.80 

 

                                                                             

 

 

 

 

(a) 

 

 

 

 

 

 

     (b) 

Fig. 28: Fit of experimental curves with the same a and n values and different k values at 1400 (a) and 1500 °C 
(b). 
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The residuals for both fits were calculated using Eq. 37, where m is the number of evaluation 

points (considering 1800 data points for each curve), while 𝜀𝑝  and 𝜀𝑒  are the predicted and 

experimental creep strains, respectively. The results (Table 9) show that one series of creep 

parameters determined from tests at 1400 and 1500 °C would not change the residual compared 

to the independent determination of creep parameters for each temperature [113,123].  

Fitting residual= 1𝑚 √∑ (𝜀𝑝− 𝜀𝑒)21800𝑖=1 1800                                                                                                                            (37                          

Table 9: Residuals of the fits for the first creep stage with the combinations of nine and eighteen 
measurements at 1400 and 1500 °C. 

Residual of fitting 
Combination of 9 
measurements 

Combination of 18 
measurements 

1400 °C 2.31·10-2 2.53·10-2 

1500 °C 2.12·10-2 2.34·10-2 

 

 



CHAPTER 4 – LOADING/UNLOADING COMPRESSSIVE CREEP TESTING 

45 

 

4 LOADING/UNLOADING COMPRESSIVE CREEP TESTING 

[125] 

For l/u testing, the procedure is equivalent to the uniaxial compressive creep testing procedure 

explained in Chapter 3, but the SF castable samples were loaded with two different loads for 

defined periods in each test. After reaching the testing temperature of 1300 °C and waiting for 1 

h for temperature homogenisation, 5 MPa load was applied with a maximum loading rate of 0.88 

mm/min. In the different tests, the load was reduced to 0.1 MPa after 10, 30, 60, and 90 minutes. 

Each loading and subsequent unloading is called one cycle. Several evaluations were carried out 

for each cycle to compare the l/u effect. The result of test 1 is shown in Fig. 29 with a 5 MPa load 

for 10 minutes and unloading to 0.1 MPa with a holding time of 10 minutes at 0.1 MPa. 

 

Fig. 29: Total strain for l/u test 1 with 5 MPa loading and unloading to 0.1 MPa, and 10 minutes l/u holding. 

Six cycles were obtained until failure occurred. The last loading phase, i.e. the start of the seventh 
cycle was not considered for calculations due to the missing recovery phase. After more than 2h, 

a total creep strain of 0.044 was observed. For each cycle total strain (εt), creep strain (εcr), total 

creep strain recovery (εt, R), creep strain recovery (εcr, R), elastic recovery ratio (RE) (which is the 

elastic strain (εel) divided by the total strain (εt) at the end of each cycle), total strain recovery ratio 

(Rt) and creep strain recovery ratio (Rcr) were measured and calculated [72,73]. Table 10 

represents the results of the evaluations for test 1. 

Table 10: Creep and recovery strains and recovery ratios calculated from test 1. 

Cycle εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE (%) Rt(%) Rcr(%) 

1 7.66 7.59 1.07 1.01 0.93 13.96 13.30 

2 4.97 4.90 1.01 0.97 1.43 20.32 19.79 

3 4.39 4.31 0.99 0.94 1.62 22.55 21.80 

4 4.44 4.37 1.21 1.14 1.60 27.25 26.08 
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5 4.79 4.72 1.22 1.15 1.48 25.46 24.36 

6 6.01 5.94 1.25 1.18 1.18 20.79 19.86 

It can be seen that the total strain per cycle shows a minimum in cycle 3. The trend is similar for 

the total strain recovery (εt, R) and the creep strain recovery (εcr, R). This behaviour is probably due 

to the transition from the first stage (cycles 1-3) to the second stage (cycles 3-5) and finally to the 

third stage (cycle 6). Rt, Rcr, reached a maximum during cycle 4 and RE showed a maximum in 

cycle 3. 

Test 2 (Fig. 30) was carried out with 30 minutes holding time. εt and εcr reached a minimum in 

cycle two (1-2 h), this is in the same time range as in test 1. Strain recovery ratios increase with 

the cycles in this case. 

 

Fig. 30: Total strain for l/u test 2 with 5 MPa loading and unloading to 0.1 MPa, and 30 minutes l/u holding. 

 

Table 11: Creep and recovery strains and recovery ratios calculated from test 2. 

Cycle εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE(%) Rt(%) Rcr(%) 

1 10.26 10.19 1.29 1.22 0.69 12.57 11.97 

2 6.91 6.84 1.45 1.38 1.03 20.98 20.17 

3 7.08 7.01 1.51 1.44 1.08 21.32 20.54 

For tests 3 and 4, holding times were 60 and 90 minutes, respectively. Both samples fractured in 

the second cycle (Figs. 31,32). For both tests, changes in the creep stage were observed during 

the loading phases. Test 4 with 90 minutes of holding time represents the entire first and second 

creep stages and partially the third creep stage before fracture. In the second cycle, after changing 

the load from 0.1 to 5 MPa, predominantly the third creep stage is observed. 
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Fig. 31: Total strain for l/u test 3 with 5 MPa loading and unloading to 0.1 MPa, and 60 minutes l/u holding. 

Table 12: Creep and recovery strains and recovery ratios calculated from test 3. 

Cycle εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE(%) Rt(%) Rcr(%) 

1 19.98 19.91 1.35 1.28 0.35 6.75 6.42 

 

Fig. 32: Total strain for l/u test 4 with 5 MPa loading and unloading to 0.1 MPa, and 90 minutes l/u holding. 

Table 13: Creep and recovery strains and recovery ratios calculated from test 4. 

Cycle εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE(%) Rt(%) Rcr(%) 

1 21.36 21.29 1.57 1.50 0.33 7.35 7.04 

To clarify the influence of the holding time, the first cycles of tests 1 to 4 were further investigated 

(Fig. 33). Corresponding creep and recovery strain and recovery ratios are given in Table 14. 
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Fig. 33: The first cycle of four tests loaded to 5 MPa and unloaded to 0.1 MPa with different l/u holding times. 

Table 14: Creep and recovery and recovery ratios calculated from tests 1- 4 for the first cycle. 

 εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE(%) Rt(%) Rcr(%) 

Test 1 7.66 7.59 1.07 1.01 0.93 13.96 13.30 

Test 2 10.26 10.19 1.29 1.22 0.69 12.57 11.97 

Test 3 19.98 19.91 1.35 1.28 0.35 6.75 6.42 

Test 4 21.36 21.29 1.57 1.50 0.33 7.35 7.04 

Table 14 shows the effect of holding time on recovered strains (εt, R and εcr, R). The total strain εt 

increased with an increase in holding times from 30 to 60 minutes (tests 2 and 3). Test 4, with the 

highest total strain during loading, represents the highest strain recovery. However, with longer 

holding times, the strain recovery ratios were found to decrease. The opposite tendency between 

tests 3 and 4 regarding Rcr is probably dedicated to material heterogeneity [113,123]. 

Under a constant load of 5 MPa, a standard compressive creep test was carried out at 1300 °C 

until the final fracture occurred. by comparing it with tests 1-4 (Fig. 34), It was observed that the 

total creep strain for all cases was quite similar and in the range of 0.34-0.42. In the current 

investigation, the compressive creep test showed the shortest and test 2 with 30 minutes holding 

time the longest total creep time. Overall, the exposure to 5 MPa was longer for the l/u tests than 

for the standard test. This is dedicated to the fact that higher creep strains with lower creep strain 

rates occur in the secondary creep stage compared to the test with monotonic loading. 
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Fig. 34: Comparison of l/u creep tests with different holding times and the standard compressive creep test 
under a 5 MPa loading stress at 1300 °C. 

Table 15: Total strain and test duration for Tests 1-4 and standard compressive creep test. 

 εt (10-3) Total loading time (h) 

Standard creep test 34.12 0.92 

Test 1 42.35 2.17 

Test 2 39.25 2.33 

Test 3 37.62 3.19 

Test 4 38.34 3.49 

The recovered strain reduces the total creep strain for the l/u creep tests at the end of the cycle. 

The l/u tests showed a longer overall loading time than sat 5 MPa (Fig. 34). In Fig. 35, only the 

strains from the 5 MPa loading periods are plotted. This means that recovery phases and 

recovered strains are excluded. A possible explanation for the higher total strain in comparison to 

the standard creep tests could be that recovery mechanisms increase the duration of the 

secondary creep stage in further 5 MPa loading periods.  
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Fig. 35: l/u creep test strains during 5 MPa loading standard compressive creep test under 5 MPa at 1300 °C. 

It is believed that as creep strain increases, internal stress and creep strain recovery increase as 

well. However, in tests 1 and 2, it was found that while creep strain was less in the second and 

third cycles than in the first, there was a greater creep strain recovery in the second and third 

cycles than in the first cycle. Test 5 was carried out to clarify the relationship between holding 

time, internal stress, and creep strain recovery with a holding time of 30 minutes and the recovery 

phase of its third cycle was continued for approximately 6 h (Fig. 36). 

 

Fig. 36: Creep recovery behaviour (test 5) with 5 MPa loading stress and 0.1 MPa unloading stress, 30 
minutes l/u holding time and 6 h holding time in the 3rd cycle. 

Table 16: Creep and recovery strain and recovery ratios calculated from test 5. 

Cycle εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE(%) Rt(%) Rcr(%) 

1 9.40 9.33 1.15 1.12 0.75 12.23 12 

2 5.93 5.85 1.19 1.15 1.2 20.06 19.65 
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3 5.24 5.16 1.25 1.18 1.36 23.85 22.86 

Similar to test 2, creep strain recovery increases cycle by cycle (Table 16). From A to C, the total 

strain recovery was 1.8 .10-3. The recovered strain during the 30 minutes in the third cycle (from 

A to B) was 1.25 .10-3 and from B to C it was 0.55 .10-3. The mean strain rate in the first (2.5-3.5 

h) and last (7.5-8.5 h) of the strain recovery was 0.14%/h and 0.02%/h, respectively. During the 

initial phase of strain recovery (from A to B), roughly 69% of the strain was recovered. It can be 

concluded that during the first cycles of tests 1 and 2 in the load reduction condition, residual 

internal stress caused incomplete strain recovery. Because of this, even though there was more 

creep strain in the first cycle, there was residual internal stress present in the second cycle, which 

caused a higher strain recovery. Test 6 (Fig. 37) was similar to test 5, with the exception that 2 

MPa of unloading stress rather than 0.1 MPa was maintained. After the third loading cycle, this 

unloading stress was applied for roughly 7 h. 

 

Fig. 37: Creep recovery behaviour (test 6) with 5 MPa load stress and 2 MPa stress, 30 minutes l/u holding 
time and 7 h final holding time in the 3rd cycle. 

Unlike other tests, the creep strain recovery decreased cycle by cycle for test 6. Table 17 

demonstrates the measurements and calculations. Additionally, during a short unloading phase, 

the internal stress reached 2 MPa. As shown in Fig. 37, the creep strain increased again after a 

recovery period of approximately 6 minutes during the third cycle. 

Table 17: Creep and recovery strain and recovery ratios calculated from test 6. 

Cycle εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE(%) Rt(%) Rcr(%) 

1 9.48 9.4 0.28 0.26 0.75 2.95 2.76 

2 5.68 5.61 0.25 0.23 1.25 4.4 4.09 

3 5.51 5.44 0.22 0.21 1.29 3.99 3.86 
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After the load was lowered to 2 MPa, the generated internal stress was released during each 

cycle of test 6 (after 9, 11 and 6 minutes for the first, second and third cycles). It can be assumed 

that during the recovery phase of each cycle, the internal stress was slightly higher than the load 

on the sample (2 MPa); therefore, a few minutes after load reduction, the internal stress was 

smaller than the applied load, leading to the occurrence of further creep.  

To compare the effects after load reduction, three l/u creep tests with identical holding times but 

different stress after stress reduction were performed (Fig. 38). For this purpose, test 7 with 30 

minutes holding time at 5 MPa was performed. After half an hour the load was reduced to 4 MPa. 

 

Fig. 38: The first cycle of tests numbers 2, 6, and 7 with 5 MPa load and l/u holding time (30 minutes) with 
different unloading stresses (0.1, 2, and 4 MPa).  

Test 7 showed a higher total creep strain due to the scattering of the material properties, even 

though all tests had the same conditions for the first 30 minutes. Nevertheless, the impact of 

stress reduction on the strain recovery ratios could be investigated in this case. Table 18 presents 

the measurements and calculations for tests 2, 6, and 7. 

Table 18: Creep and recovery strain as well as recovery ratios calculated from tests 2, 6, and 7. 

 εt(10-3) εcr(10-3) εt,R(10-3) εcr,R(10-3) RE(%) Rt(%) Rcr(%) 

Test 2 10.26 10.19 1.29 1.22 0.69 12.62 12.03 

Test 6 9.48 9.4 0.28 0.26 0.75 2.95 2.76 

Test 7 12.28 12.21 - - - - - 

Test 2 showed that the magnitude of the internal stress was higher than the applied load on the 

sample (i.e., 0.1 MPa); hence, reduction in load from 5 to 0.1 MPa caused creep strain recovery 

[125]. For test 6, it was assumed that the internal stress would be slightly higher than the applied 

load on the specimen. (i.e., 2 MPa); hence, creep strain recovery was determined for 6 minutes. 

Note that, the strain rate in the final recovery phase did not change and remained constant over 

time for tests 2 and 6. The difference between the applied load on the sample and the internal 

stress causes secondary creep, as represented by test 7 [125], which demonstrated a strain that 
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increased with time when the applied load was decreased from 5 to 4 MPa. From this behaviour, 

it can be concluded that the magnitude of the internal stress was smaller than the unloading stress 

(i.e., 4 MPa), and hence, strain recovery did not occur. Based on the results, the following was 

concluded: 

• If the applied load (and maintained) on the sample during the unloading phase is higher 

than the internal stress, then the creep strain increases monotonically with time [125]. 

• If the applied load on the sample equals the internal stress, then the elastic strain 

decreases because of the load reduction and the creep strain remains constant until the 

internal stress becomes smaller than the applied load [125]. 

• If the applied load on the sample is smaller than the internal stress, then the elastic strain 

decreases because of the load reduction and the creep strain also gradually decreases 

with time owing to strain recovery [125]. 
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5 MODELING OF THE CREEP STRAIN RECOVERY 

5.1 Burger’s model 

Burger's model takes into account both the elastic and viscous aspects of a material's response. 

It is employed to forecast the creep and recovery characteristics of materials exposed to loading 

conditions that vary with time [94]. In this study, Burger’s parameters (EM, EK, ηM, ηK) were 

determined with an in-house developed MATLAB code. Lsqurvefit fit function [68] was applied to 

fit the curve and determine the parameters for Eq. 27. Starting values are given for Burger’s model 
parameters and the applied stress, reduction stress, and time at the moment of unloading are 

defined. The parameter identification was performed for each l/u test individually. Below, an 

example of the one parameter set for an inverse evaluation is shown. As an example, initial values 

and loads, as well as 𝑡1 (holding time) are given in Table 19: 

Table 19: An example of initial parameters given for the determination of Burger’s parameters (Test 1). 

𝐸𝑀 0.2 𝜂𝑀 0.02 𝐸𝐾 0.1 𝜂𝑘 0.01 

Stress during loading (MPa) 5 

Stress during unloading (MPa) 0.1 𝑡1 (s) 600 

Determined Burger’s parameters for the first cycle of tests 1-4 can be seen in Table 20. For tests 

1-3, the fit of the experimental curves was better than for the test 4. For test 4 with 90 minutes of 

holding time, the deviation between the fit and experimental curve is clearly due to the creep stage 

change from the second to the third stage. 

Table 20: Burger’s model parameters are identified with an inverse evaluation procedure. 

Test 𝐸𝑀(MPa) 𝜂𝑀(MPa.s) 𝐸𝐾(MPa) 𝜂𝑀(MPa.s) 

1 1.15E+05 6.80E+05 1.62E+02 2.11E+03 

2 4,10E+04 1.21E+06 1.85E+02 2.17E+03 

3 1.64E+05 1.10E+06 1.61E+02 2.66E+03 

4 4.24E+04 1.40E+06 3.27E+02 17.96E+03 
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Figs. 39, 40 shows the fit of the tests 1-4 with the parameters given in Table 20. To fit the creep 

recovery behaviour using Burger’s model, the unloading time must be known as input in the 
inverse evaluation MATLAB code. However, for refractories in service, the stress history is not 

clear, and this is a disadvantage for the application of this model for the simulation of refractory 

lining behaviour under the l/u condition. 

 

                            

 

 

 

 

 

(1) 

 

   (2) 

 

Fig. 39: Fit of experimental l/u tests 1 and 2 with different holding times using Burger’s model for the first 
loading cycle. 
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(3) 

 

(4) 

Fig. 40: Fit of experimental l/u tests 3 and 4 with different holding times using Burger’s model for the first 
loading cycle. 

5.2 Prony series 

A further frequently applied possibility for the simulation of creep recovery behaviour is modelling 

viscoelastic behaviour with Prony series parameters, which is a set of Maxwell elements in series 

and adding a spring in parallel [98,99]. In the commercial FE code ABAQUS, viscoelastic material 

behaviour can be simulated by a Prony series expansion of the dimensionless relaxation modulus. 

Therefore, relaxation shear modulus (the Prony series parameters) must be determined. Shear 

relaxation modulus can be expressed as Prony series in ABAQUS (Eqs. 38-40) [109]: 

𝐺(𝑡) =  𝐺∞ + ∑ 𝐺𝑖𝑒−𝑡𝜏𝑖𝑁𝑖=1                                                                                                                                         (38 𝐺∞ is the steady-state stiffness (represented by the parallel spring), 𝐺𝑖, 𝜏𝑖 are the time constants 

and represented by the stiffness of the Maxwell elements, and t is the time. These parameters 

define the material behaviour. For n=2: 
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𝐺(𝑡) =  𝐺∞ + 𝐺1. 𝑒−𝑡𝜏1 + 𝐺2. 𝑒−𝑡𝜏2                                                                                                                            (39 

Finally, by solving the equations: 

𝐺(𝑡) =  𝐺∞ + 𝐺0 (𝑔1 𝑒−𝑡𝜏1 + 𝑔2. 𝑒−𝑡𝜏2 )                                                                                                                   (40 𝑔1, 𝑔2, 𝜏1, 𝜏2 are the parameters applied in ABAQUS to represent the behaviour equivalent to 

Burger’s model [97-100]. 𝑔1   𝑔2 are dimensionless shear modulus and 𝜏1 𝜏2 are the relaxation 

time (s). Burger’s model parameters were determined using the open-source software DAKOTA 

[126]. For this purpose, a creep recovery simulation of tests 1-4 was carried out with ABAQUS on 

a simple 3D model (Fig. 41) (C3D8, 8-node linear brick). Boundary conditions were defined for 

uniaxial loads. Table 21 presents an illustrative instance of test 1, employing 10 minutes of holding 

time. The load applied ranged from 0 to 5 MPa within 35 seconds, after which it was maintained 

for 10 minutes. Subsequently, the load was reduced to 0.1 MPa, which also took 35 seconds. 

Table 21: L/u condition for test 1 with 10 minutes holding time. 

 

 

 

 

 

 

 

 

 

 

 

 

 

Fig. 41: Simulation model with boundary conditions. 

For the input data, the result from the simulation (strain-time data) was used for the optimization 

in DAKOTA. The minimization algorithm NL2SOL was applied. Prony parameters were 

determined by minimizing the difference between the experimental and the simulated curves. The 

first cycle of each test (1-4) was assessed, and the extracted parameters were applied for 

simulations in ABAQUS (Figs. 42,43). The table below presents the determined Prony parameters 

(Table 22). 

 

Time (s) 0 35 600 635 1200 

Load (MPa) 0 5 5 0.1 0.1 
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Table 22: Prony parameters determined with the inverse evaluation. 

Test 𝑔1   𝑔2 𝜏1 (s) 𝜏2 (s) 

1 0.0099 0.99 333 1.61 

2 0.012 0.98 636 1.97 

3 0.0099 0.99 722 2.62 

4 0.0198 0.98 507 2.79 

 

       (1) 

 

 

 

 

 

 

(2) 

 

 

 

Fig. 42: Comparison of experimental and simulated curves for the loading conditions of tests 1 and 2. 
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    (4)                                     

Burger’s model and Prony series showed an acceptable fit to the experimental curve. However, 
comparing the residuals (Table 23) of fits for Burger’s model and Prony series using Eq. 37 with 

the same data points for each curve (1800 data points) (Figs. 39,40 and Figs. 42,43), represented 

that Burger’s model was able to fit better than the simulation with Prony series parameters for 

tests 2 and 4. 

Table 23: Residual of fits using Burge’s model and Prony series (DAKOTA) for tests 1-4. 

 Test 1 Test 2 Test 3 Test 4 

Burger’s model 1.89E-04 1.67E-05 1.52E-04 2.06E-04 

Prony series  9.93E-05 5.93E-05 7.46E-05 6.58E-04 

Fig. 44 presents the simulation results for tests 1 and 2 conditions with 10 and 30 minutes holding 

times. The fits are a result of inverse evaluations, only the first cycle was considered for parameter 

identification. Furthermore, simulations were carried out with parameters determined from the first 

two and three cycles. It is seen that the deviation between the experimental curves and the 

simulated ones increases with the cycles. Results indicated that using the Prony parameters for 

Fig. 43: Comparison of experimental and simulated curves for the loading conditions of tests 3 and 4. 
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the first cycle showed an acceptable fit for the first cycle of the experimental curve, however, for 

the following cycles the deviation increased. Simulations with parameters determined by two and 

three cycles showed a smaller deviation for the experimental curve in comparison to the 

simulation with the first cycle parameters. 

 

(1) 

 

(2) 

Fig. 44: Simulation results for tests 1 and 2 conditions with Prony series parameters determined from 

different cycles and comparison with the experimental curves. 
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Table 24: Prony series parameters determined with DAKOTA with different cycles as input data (test 1: 10 
minutes). 

Cycle g1 g2 𝜏1 𝜏2 

1  0.0099 0.99 333.76 1.61 

2 0.0099 0.99 432.82 1.73 

3 0.0098 0.99 478.68 1.47 

 

Table 25: Prony series parameters determined with DAKOTA with different cycles as input data (test 2: 30 

minutes). 

Cycle g1 g2 𝜏1 𝜏2 

1  0.0129 0.98 636.82 1.97 

2 0.0128 0.98 793.64 1.42 

3 0.0129 0.98 518.99 2.86 

Simulation with Burger’s model and the Prony series showed different drawbacks. They can 

reasonably approximate the creep and recovery behaviour under given constant loads, but the 

load dependency is not covered by the models. Because of the permanently changing loads in 

refractory linings, these models cannot simulate the in-service behaviour.  
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5.3 Chaboche model 

Finally, the Chaboche model was used to fit the experimental curves using Eq. 33. The material 

model parameters (Table 26) are determined for each temperature, using user expertise rather 

than optimization routines. The elastic material response is parameterized in the first step of 

loading, followed by the determination of approximate hardening parameters for the experimental 

tests. Cyclic viscoplastic effects are identified through a kink in the mechanical response of the 

unloading stage and are replicated by scaling kinematic hardening parameters (𝐶𝑖  and  𝛾𝑖) . 

Dynamic modules ( 𝑀𝑖 ,  𝑚𝑖 , K and n) are then implemented to track evolution over time 

[86,106,112]. 

Table 26: Parameters for the SF castable (for 1300 °C) identified with the UMAT subroutine. 

E (MPa)  v R0 (MPa) K (MPa) N (MPa) C1 (MPa) 𝛾1 (MPa) M1 (MPa) m1 (MPa) C2 𝛾2 M2 m2 

70000 0.2 0.2 40 4.6 1000 20 200 2 200 0.3 40 4.8 

For the simulations, a single element model as described in section 5.2 was applied. Overall, 12 

experimental l/u uniaxial compressive creep tests at 1300 °C were carried out for this purpose. 

Nine l/u tests were performed with a holding time of 30 minutes and different loads (Table 27). In 

three more tests, the holding times were 10, 60 and 90 minutes with a load of 5 MPa and complete 

unloading between the loading periods. 

Table 27: Experimental l/u conditions for tests at 1300 °C with 30 minutes holding time. 

Test 1 2 3 4 5 6 7 8 9 

Load (MPa) 5 5 5 6 6 6 7 7 7 

Unload (MPa) 0 1 1.5 0 1 1.5 0 1 1.5 

One set of material parameters was used to simulate the compressive l/u creep of the SF 

castable. Below the results are shown in Figs. 45-47. 
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(1) 

 

(2) 

 

(3) 

Fig. 45: Experimental curve fit with the Non-linear kinematic hardening model for tests 1-3 with 30 minutes 
holding time. 
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(4) 

 

(5) 

 

(6) 

Fig. 46:  Experimental curve fit with the Non-linear kinematic hardening model for tests 4-6 with 30 minutes 
holding time. 
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(7) 

 

(8) 

 

(9) 

Fig. 47: Experimental curve fit with the Non-linear kinematic hardening model for tests 7-9 with 30 minutes 
holding time. 

The residual of fitting of tests 1-9 was calculated according to Eq. 37, considering an equal amount 

of data points for each curve (1800 data points). According to Figs. 45-47, the residual of fitting 

for the first cycle of tests 2 and 3 is much smaller than for test 1. For test 1, these residual 

increases from cycle to cycle. Tests 4 and 7 represented the lowest and biggest residual of fitting, 

respectively. Table 28 shows the residuals for the first cycle of tests 1-9. 



CHAPTER 5 – MODELING OF THE CREEP STRAIN RECOVERY 

66 

 

Table 28: Residual of fit for the first cycle of tests 1-9. 

Test 1 Test 2 Test 3 Test 4 Test 5 Test 6 Test 7 Test 8 Test 9 

6.89E-04 2.67E-04 2.12E-04 1.06E-05 3.35E-04 3.87E-04 9.86E-03 3.12E-04 2.73E-04 

Material parameters according to Table 26 were applied to fit the experimental l/u tests at 1300 

°C with different holding times for the creep and recovery periods. Four tests were selected with 

10, 30, 60 and 90 minutes of holding time for the simulation. Results (Figs. 48, 49) illustrated 

partially unsatisfied fitting of experimental curves. The reasons are not clear at this state of 

research, and more experiments are necessary. However, in addition to finding local minima in 

the inverse evaluation process, material inhomogeneity and possibly the partial inadequacy of the 

material model play a role.  

 

(a) 

 

(b) 

Fig. 48: Experimental curve fit with the Non-linear kinematic hardening model for tests loaded to 5 MPa and 

unloaded to 0 MPa for 10 (a) and 30 minutes (b) holding time. 
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(a) 

 

(b) 

Fig. 49: Experimental curve fit with the Non-linear kinematic hardening model for tests loaded to 5 MPa and 
unloaded to 0 MPa for 60 (a) and 90 minutes (b) holding time. 
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5.4 Comparison of Chaboche Non-linear kinematic hardening model 

with a Norton-Bailey creep model 

Here it is discussed how far the Chaboche model can fit the l/u experimental curves. As the 

Norton-Bailey model is frequently applied for the simulation of the creep behaviour it is reasonable 

to check if it is possible to fit the Chaboche curves with Norton-Bailey for monotonic loading. For 

this purpose, using the Chaboche model and the parameters in Table 26, four curves (Fig. 50) 

were simulated under constant uniaxial load with ABAQUS.  

 

Fig. 50: Results from the Chaboche model under constant uniaxial load. 

With an automatic creep stage separation method [71], simulated curves from Fig. 50 were 

divided into primary and secondary creep stages. The period for the first and second stages is 

shown in Table 29. Afterwards, the first and second stages were fit with the Norton-Bailey model 

(Fig. 51, 52) to determine the creep parameters. 

Table 29: Time period for the first and second stages for the curves simulated with the Chaboche model. 

 Stage 1 (s) Stage 2 (s) 

3MPa 0-10800 10800-15000 

5MPa 0-5000 5000-9000 

6MPa 0-4500 4500-8100 

7MPa 0-2500 2500-6500 
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        (a) 

 

(b) 

Fig. 51: Fit of the Chaboche curves with the Norton-Bailey creep model for the first (a) and second (b) creep 
stages. 
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Fig. 52: Fit of the Chaboche curves by the Norton-Bailey creep model for the first and second stages in one 
plot. 

In Fig. 51(a), the first stage was fit, and the residual between the simulated curves was small 

(Table 30). For the second stage (Fig. 51-b), the fit and the original curve were congruent. Fig. 52 

shows the fit of the curves simulated with the Chaboche and Norton-Bailey models for both 

stages. Below, Norton-Bailey creep parameters, as determined with an inverse evaluation, are 

shown for the creep stages (Table 31). 

Table 30: Residual of fitting the Norton-Bailey creep curve with the Chaboce model for the first stage and 
different loads. 

 3 MPa 5 MPa 6 MPa 7 MPa 

Residual of fitting 1.32E-05 1.86E-05 2.12E-05 1.73E-05 

Table 31: Norton-Bailey creep parameters for the creep curves plotted by the Chaboche model. 

Primary creep stage Secondary creep stage 

logK a n logK n 

-11.63 -1.30 5.41 -8.75 4.31 

After promising results from comparing the Norton-Bailey and Chaboche models, experimental 

creep curves were fit with the Chaboche model. The first stage of the creep curves was fit by the 

Chaboche model using one series of parameters for each temperature. The figures below (Figs. 

53-55) represent the results. 
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(a) 

 

(b) 

 

(c) 

Fig. 53: Fit of the experimental creep curves (1300 °C) by Norton-Bailey and Chaboche model a:7 MPa, b:7.5 
MPa, c: 8 MPa. 
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(a) 

 

(b) 

 

(c) 

Fig. 54: Fit of the experimental creep curves (1400 °C) by Norton-Bailey and Chaboche model a:4.5 MPa, b:5 

MPa, c: 5.5 MPa. 
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(a) 

 

(b) 

 

(c) 

Fig. 55: Fit of the experimental creep curves (1500 °C) by Norton-Bailey and Chaboche model a:3 MPa, b:3.5 
MPa, c: 3.75 MPa. 



CHAPTER 5 – MODELING OF THE CREEP STRAIN RECOVERY 

74 

 

Fig. 53 shows the fit of the experimental creep curves for 1300 °C for three different loads and 

the first stage. For both models, only one series of parameters was applied. The residuals for fits 

with the Chaboche and the Norton-Bailey model are close to each other (using Eq. 37 with 

considering the same amount of data points). For 8 MPa, the Chaboche curve showed a more 

significant deviation from the Norton-Bailey curve than for the other tests. Table 32 shows the 

average fit residual for different models at three temperatures. At 1400 °C, the Norton-Bailey 

model represented a better fit as the Chaboche model (Fig. 54). At 1500 °C (Fig. 55), the result 

determined by Norton-Bailey showed better fitting than the Chaboche model according to the 

residuals (Table 32). 

Table 32: Average fit residuals with Norton-Bailey and Chaboche models for different temperatures. 

 1300 °C 1400 °C 1500 °C 

Norton-Bailey 9-combination 2.32E-04 1.75E-04 2.82E-04 

Chaboche model 2.85E-04 2.31E-04 4.85E-02 

Table 33 shows the Chaboche model parameters utilized for fitting the experimental creep curves 

for the first stage. The results indicated that for different temperatures, mainly viscoelastic 

parameters (k, n), second kinematic hardening parameters (C2, 𝛾2) and second static recovery 

parameters (M2, m2) are the main influencing factors.  

Table 33: Chaboche model parameters for the fit of experimental creep curves (1300 °C: a, 1400 °C: b and 
1500 °C: c). 

E  v R0 K n C1 𝛾1 M1 m1 C2 𝛾2 M2 m2 

70000 0.2 0.2 42 5.2 1000 20 200 2 400 0.5 40 4.8 

(a) 

E  v R0 K n C1 𝛾1 M1 m1 C2 𝛾2 M2 m2 

70000 0.2 0.2 32 3.9 1000 20 200 2 230 0.3 36 4.9 

(b) 

E  v R0 K n C1 𝛾1 M1 m1 C2 𝛾2 M2 m2 

70000 0.2 0.2 35 3.5 1000 20 200 2 310 0.1 46 3.8 

(c) 
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6 SUMMARY 

This research aimed to characterise and simulate the compressive creep behaviour of refractory 

castables under constant loads and l/u conditions. The goal was achieved by conducting creep 

tests and further material characterisation (e.g. RFDA, XRD, SEM), as well as analysis of the 

results. Finally, an extended nonlinear kinematic hardening model was applied to simulate the 

creep recovery of the SF castable. The main conclusions of this study are: 

• In the SF castable spinel and CA6 are forming at a temperature above 1000 °C during the 

sintering process and cause a volume expansion. This expansion leads to microcrack 

formation and reduces the mechanical strength. At a temperature above 1250 °C, liquid 

phase formation due to the presence of SiO2 counterbalances the expansion and 

increases the creep strain rate; this helps to decrease the thermo-mechanical stresses. 

Due to the formation of a liquid phase, the creep resistance of the material decreases. 

• The creep behaviour of the SF castable was investigated under uniaxial compressive 

loads. As expected, creep strain rates increase with temperature. Besides, the material 

inhomogeneities exhibited a higher impact on the second and third stages. Norton-Bailey 

creep parameters were successfully inversely evaluated for all three stages.  

• The evaluation of the creep parameters from different combinations of measurements 

enabled to obtain statistical information about the creep parameters. The results obtained 

by considering the 99% confidence interval showed that the combination of six out of nine 

measurements provided the closest mean value to that of the combination of all 

measurements [113]. 

• Under l/u conditions, recovery ratios – but not the recovered strains - decreased with 

increasing holding time. Moreover, the recovery ratios increased with lower stress in the 

unloading period. It is concluded that during the creep of the castable internal stress was 

generated. Creep strain recovery is directly influenced by the difference between the 

internal stress and the load on the sample. Additionally, it was observed that the internal 

stress in each cycle depends on creep strain and the residual internal stress from the 

previous cycle. If the internal stress is not completely consumed for strain recovery in one 

cycle, the residual adds to the internal stress of the following cycle [125].  

• A four-element Burger’s model was employed to model the creep and recovery of the SF 
castable under l/u conditions. In order to simulate the creep recovery behaviour in 

ABAQUS, the Prony series were determined using an inverse evaluation with DAKOTA. 

Results indicated that The Prony parameters determined by DAKOTA showed a 

reasonable fit as the parameters of the Burger model. However, using these parameters 

gave a satisfactory fit only for the first cycle of each test. However, fitting several 

experimental curves with different loading histories was impossible.  
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• A Non-linear kinematic hardening model (Chaboche) was applied for FE-simulation. This 

model enabled the fitting of different l/u experimental curves at the same temperature with 

one series of parameters. Some deviations between the experimental and simulated 

curves were observed for the 7 MPa tests. It is assumed that an important cause is the 

heterogeneity of the material. The Chaboche model showed a good agreement with the 

measurements; however, a large number of the parameters and the determination is a 

disadvantage. In further investigations, the Chaboche model was used to fit the first stage 

of experimental creep curves under different loads and temperatures. Results proved that 

the model can fit the Norton-Bailey model if the correct parameters for each temperature 

were identified. Therefore, the Chaboche model can be a comprehensive model for 

simulating the creep under monotonic and l/u conditions. 

The findings show the importance of correctly representing load history for thermomechanical 

lining simulations. This puts the focus on further research on suitable material models associated 

with procedures for testing and parameter determination. 
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7 OUTLOOK 

Extensive testing of different materials at different loads and temperatures is required to provide 

an overview of how the strain recovery affects the service behaviour. A Chaboche model was 

used to fit the first stage of the creep tests under different constant loads. It is assumed that this 

model can represent an acceptable fit for the second stage. Modification and development of this 

model might be a future research item. 

Compressive creep of refractories has been commonly investigated; however, in many industrial 

applications, refractories are facing complex loading conditions including multiaxial stress states. 

Creep rates differ significantly in dependence of the stress state. 

Due to the heterogeneous nature of the refractories, it is essential to carry out a statistical study 

on the Norton-Bailey creep parameters for all three stages. These results might be helpful for 

other mechanical characterization of refractory castables and are necessary for future creep 

investigations. 
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